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Abstract

Low-voltage direct current (LVDC) distribution systems are increasingly adopted in
applications such as electric vehicle charging infrastructure, data centers, and DC
microgrids. However, the absence of natural current zero crossings and the typically
low inductance of LVDC networks make fault current interruption particularly
challenging, requiring protection devices capable of operating on a sub-millisecond
timescale. While solid-state and hybrid circuit breakers offer fast response, they
suffer from high losses, limited galvanic isolation, and unfavorable failure modes.
Mechanical circuit breakers remain the most robust and efficient solution, but their
performance is fundamentally constrained by the speed of the contact actuation

mechanism.

This thesis investigates the modeling and design of a railgun-driven electro-
magnetic actuator for ultrafast mechanical LVDC circuit breakers. The proposed
actuation concept leverages the extremely low inductance and high force density of
railgun systems to achieve very high acceleration and contact separation speeds. A
hierarchical modeling framework is developed, ranging from analytical formulations
to quasistatic and fully transient multiphysics simulations, enabling an in-depth anal-
ysis of electromagnetic forces, mechanical dynamics, thermal effects, and friction
phenomena. In parallel, a dedicated pulse-power electric drive is designed to supply

the railgun actuator, capable of delivering peak currents exceeding 165 kA within
22 ps.

System-level simulations are used to assess breaker performance under realistic
LVDC fault conditions and to quantify the impact of system inductance and actuator
dynamics on current interruption. The results demonstrate that higher actuation
speeds lead to faster current extinction, lower peak fault currents, and significantly
reduced energy dissipation in the breaker. Experimental validation of the railgun

actuator confirms excellent agreement with the proposed models, achieving a con-



tact displacement of 15 mm in 300 us and peak velocities above 100 m/s. When
integrated into a system-level protection scenario, the measured actuator dynamics
enable current interruption within 420 ps to 700 us for system inductances between
10 uH and 100 pH.

The achieved performance significantly exceeds that of state-of-the-art single-
use protection devices such as pyrofuses and provides a markedly faster response
than Thomson-coil-based actuators commonly employed in ultrafast circuit break-
ers. The results demonstrate that railgun-based actuation constitutes a viable and
high-performance solution for next-generation ultrafast mechanical LVDC circuit
breakers, bridging the gap between conventional mechanical and solid-state protec-
tion technologies.
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Chapter 1
Introduction

The first chapter provides an overview of the research framework and goals. It begins
by discussing the motivation and background that led to this study, followed by a
review of the state of the art in circuit breaker technologies. The chapter concludes
with the definition of the main objectives and the scope of the thesis, together with a

brief outline of its organization.

1.1 Motivation and Background

According to the European Low Voltage Directive (2014/35/EU), low-voltage direct
current (LVDC) systems are defined as electrical systems operating at voltages up to
1500 V. Within this voltage range, LVDC distribution is emerging as a promising so-
lution to improve efficiency and simplify the integration of renewable and distributed

energy resources.

Building upon this trend, the adoption of LVDC power distribution systems has
expanded across several emerging applications, including electric vehicle charging
infrastructure, renewable energy integration, data centers, and direct current (DC)
microgrids [1-3]. The shift toward DC architectures is driven by the growing
prevalence of inherently DC-based sources and loads—such as photovoltaic panels
and battery storage systems—and by the increasing demand for higher efficiency in
power conversion. Compared to conventional alternating current (AC) systems, DC
distribution offers several advantages, including the elimination of reactive power, the

absence of frequency synchronization requirements, reduced conversion stages, lower
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transmission losses, and simplified interconnection of distributed energy resources
[4-7]. These benefits translate into improved overall system efficiency, reduced
equipment size, lower cost, and better performance, particularly in applications

where bidirectional power flow and fast dynamic response are required.

Despite these advantages, the widespread deployment of LVDC systems is still
limited by the lack of reliable and standardized protection [8, 9]. In particular,
the ability to interrupt fault currents safely and rapidly remains one of the major
technological challenges [10—12]. Fast current interruption is essential to limit
the energy dissipated during a fault, prevents damage to semiconductor devices
and cables, and ensures system stability and safety. Moreover, the inherently low
inductivity of DC grids leads to a very high rate of rise of short-circuit currents,
which can reach destructive values within a few hundred microseconds if not properly

cleared, further emphasizing the need for ultra-fast interruption [12, 13].

The fundamental difficulty in interrupting DC currents arises from the absence
of natural current zero-crossings, which in AC systems facilitate arc extinction and
allow smooth contact separation [14, 15]. In a DC network, once an arc is established
between separating contacts, the current can continue to flow steadily and maintain
the plasma channel unless the circuit breaker actively forces it to zero through an
external mechanism. Achieving this condition requires either the generation of a
sufficiently high counter-voltage to reverse the current or the implementation of
auxiliary circuits designed to divert, limit, or absorb the fault current. Moreover,
DC arcs are characterized by greater thermal stability, higher energy density, and
longer persistence than their AC counterparts [16]. These combined factors make DC
interruption particularly challenging. Consequently, DC circuit breakers continue
to represent a major research focus aimed at ensuring safe, reliable, and resilient

operation of emerging LVDC power distribution systems.

1.2 State of the Art in DC Fault Protection Devices

Depending on their operating principle and topology, circuit breakers can be broadly
classified into mechanical, solid-state, and hybrid types [17]. Each technology
exhibits distinct advantages and drawbacks in terms of interruption speed, losses,

cost, and reliability.
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1.2.1 Mechanical Circuit Breakers

In mechanical DC circuit breakers, two main interruption approaches are commonly
employed. The first relies on current injection to create an artificial current zero,
typically using an LC oscillation circuit connected in parallel with the mechanical
switch. When a fault occurs, the pre-charged capacitor is discharged, driving an
opposing current through the switch. This injected current cancels the fault current,
producing a zero-current crossing that enables arc-free contact separation. To ensure
interruption under all conditions, the peak injected current must be at least equal
to the prospective fault current. In addition, its rate of rise must exceed that of
the fault current so that the current zero occurs before the fault current reaches its
prospective value, thereby limiting the peak short-circuit current. During contact
opening, the current commutates to the energy absorption branch—typically a metal-
oxide varistor (MOV)—where the stored energy is dissipated. The topology of this
approach is illustrated in Fig. 1.1.

Fig. 1.1 Topology of a mechanical breaker with current injection.

The current injection principle for high-voltage direct current (HVDC) circuit
breakers was first introduced in [18], establishing the basis for generating an artificial
current zero through the discharge of a pre-charged LC circuit. It was later imple-
mented in practical HVDC breakers employing current injection [19]. A recent study
reports the realization of a mechanical HVDC breaker using the same approach in a
voltage-source converter (VSC) HVDC system [20]. Subsequent research enhanced
interruption process by shaping the current near zero crossing [21] and optimizing
the injection topology to extend operating range and reduce component stress [22].
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In contrast to the current-injection method, the second approach used in mechan-
ical DC circuit breakers relies on arc formation between the contacts to interrupt
the current, rather than generating an artificial current zero. The key to achieving
interruption in this approach is to increase the impedance of the electric arc. A higher
arc impedance results in a larger arc voltage, which leads to faster current extinction,
improved interruption efficiency, and reduced energy dissipation in the contacts. As
a result, the overall breaker can be made more compact, and contact degradation is

significantly reduced.

One common way to increase the arc impedance is to use splitter plates, often
in combination with a magnetic field that drives the arc into the plates through the
Lorentz force. As the contacts separate and the arc forms, the magnetic field pushes
the plasma column sideways into the splitter stack, where it is divided into several
smaller arc segments. The splitter plates not only elongate the arc but also act as heat
sinks, absorbing a significant portion of the thermal energy and thereby cooling the
plasma. This combined effect increases the arc voltage and accelerates its extinction.

Figure 1.2 shows a circuit breaker with arc deflection and splitter plates.

Splitter Moving
Plates Contacts Magnet

l\L\

Input Busbar Arc Output Busbar

Fig. 1.2 Mechanical circuit breaker with magnetic arc deflection and splitter plates [23].

Another way to increase the overall arc voltage is to use three- or four-pole AC
breakers with their poles wired in series [24], which raises the effective arc voltage
and improves the breaking performance, albeit at the expense of larger size and
higher cost. This configuration, illustrated in Fig. 1.3, distributes the arc across
multiple contact gaps, increasing the total arc length and facilitating faster current
interruption. Despite their relatively slow operation, these breakers remain attractive
due to their simplicity, high reliability, and negligible conduction losses during

normal operation.
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Fig. 1.3 Three-pole circuit breaker with poles wired in series.

In practical mechanical DC circuit breakers that operate without current injection,
it is common to combine several arc-management techniques to achieve reliable
interruption. Splitter plates, magnetic arc deflection, and the series arrangement of
poles are often used together to increase the arc impedance, elongate its path, and
accelerate cooling. In addition, an energy absorption branch—typically implemented
with a MOV [23]—is frequently included so that part of the stored energy is dis-
sipated in the MOV rather than entirely in the arc. This approach reduces contact
erosion and extends the breaker’s lifetime; however, careful design is required to
ensure proper current commutation to the energy absorption branch once the contacts

separate.

The actuator that drives the moving contact plays a crucial role in the over-
all performance of a mechanical DC circuit breaker, as it directly influences the
elongation of the electric arc and, consequently, its impedance. A faster and larger
contact displacement increases the arc length, raises its voltage, and promotes quicker
current extinction. Therefore, the use of ultrafast actuators is essential to achieve
rapid contact separation and to limit the fault current at the earliest possible stage.
Among the available technologies, piezoelectric and electromagnetic actuators are
the most prominent solutions for high-speed mechanical motion [25]. Piezoelectric
actuators provide high energy efficiency, precise displacement control, and excellent
repeatability; however, their maximum stroke is typically below 2 mm [26]. In
contrast, electromagnetic actuators—particularly the Thomson coil design—can
achieve displacements of up to 30 mm and contact velocities around 30 m/s [27-29],
making them highly suitable for fast switching and high-voltage isolation in DC

circuit breaker applications.

Mechanical DC circuit breakers offer advantages for low- and medium-voltage
applications. Their operation is based on direct mechanical contact separation,

providing a structurally simple and efficient solution. During normal operation,
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current flows through metallic contacts, resulting in very low conduction losses.
When open, they ensure galvanic isolation and complete physical disconnection—an
important safety requirement. They require no complex cooling or control electronics,
simplifying integration and maintenance. However, limited switching speed and
contact degradation due to arcing increase energy dissipation and fault-clearing times
compared to solid-state or hybrid breakers.

1.2.2 Solid-State Circuit Breakers

Solid-state circuit breakers (SSCBs) have emerged as a promising alternative to
conventional mechanical circuit breakers for protection in DC power systems [30—
32]. Their main advantage lies in the use of semiconductor devices as switching
elements, which enables microsecond-level interruption and arc-free operation due

to the absence of moving parts.

The performance of a solid-state circuit breaker is largely determined by the
characteristics of its semiconductor device, which define its voltage blocking ca-
pability, current handling capacity, switching speed, and power losses. SSCBs
typically employ silicon-based devices such as insulated-gate bipolar transistors
(IGBTs), metal-oxide—semiconductor field-effect transistors (MOSFETS), silicon-
controlled rectifiers (SCRs), and integrated gate-commutated thyristors (IGCTs). In
recent years, wide-bandgap (WBG) semiconductors, SIC MOSFETs and GaN high-
electron-mobility transistors (HEMTs), have attracted increasing attention owing to
their superior switching performance, lower conduction and switching losses, and

improved thermal properties.

Among the available semiconductor technologies for SSCBs, Si MOSFETs
are commonly employed in applications below 1kV due to their fast switching
speed and low conduction losses, although their limited voltage rating restricts
use at higher voltages [33, 34]. In a similar range, GaN HEMTs offer even faster
switching and lower losses, making them suitable for compact, high-efficiency
SSCBs, though their blocking voltage is typically limited to 600-650 V [35]. SiC
MOSFETs extend the voltage capability of Si devices, providing blocking voltages
up to 3.3kV [30], lower switching losses, and improved thermal performance due
to higher thermal conductivity and allowable junction temperatures, making them

attractive for low- and medium-voltage SSCBs [36]. At higher voltage and power
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levels, IGBTs operate in the 1-10kV range [37], while IGCTs [38] and SCRs
[39] can exceed 10kV, offering high current capability and surge robustness at
the expense of higher conduction losses and slower response times. It should be
noted that SCRs are semi-controlled devices that can only be turned off when the
anode—cathode current reaches zero; therefore, in DC applications they typically

require additional commutation circuitry to force a current zero for turn-off.

During current interruption, the energy stored in the line or load inductance must
be dissipated or redirected to prevent overvoltage stress on the semiconductor device.
To achieve this, SSCBs integrate a voltage clamping or energy absorption branch,
which ensures safe current decay and protects the main switch from overvoltage
transients. Several clamping techniques are used depending on the voltage and

energy level of the application.

MOVs provide a nonlinear voltage-dependent impedance, remaining insulat-
ing under normal conditions and becoming conductive when the voltage exceeds
their clamping level. They can absorb large energy surges and are widely used in
medium- and high-energy SSCBs [38]. Once the fault current decays to zero, the
MOV returns to its high-impedance state, completing interruption. RC or RCD snub-
bers—consisting of a resistor-capacitor network, with the RCD variant including a
diode for unidirectional energy discharge—provide controlled energy dissipation by
storing transient energy in a capacitor and dissipating it through a resistor, limiting
the voltage derivative across the semiconductor, making them suitable for low- to
medium-power SSCBs [30, 31]. Transient voltage suppression (TVS) diodes rely on
avalanche conduction to clamp fast, low-energy voltage spikes [40]. Although their
energy-handling capability is limited, they offer extremely fast response, making
them effective for auxiliary protection. Each clamping method represents a trade-off
between response speed, energy absorption, and cost: MOVs are preferred for ro-
bustness and simplicity, while snubbers and TVS diodes are used where transient
shaping and precision are required.

The overall configuration of an SSCB depends on how the semiconductor switch,
clamping branch, and auxiliary components are connected. The main topologies are
classified as fully controlled and semi-controlled. Fully controlled topologies use
actively driven devices such as IGBTs, MOSFETs, or IGCTs for conduction and
interruption, offering fast response but requiring complex gate control and limited by

device current ratings. Semi-controlled topologies, typically based on SCRs, achieve
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commutation through auxiliary resonant circuits; they are simpler and efficient for
high-current, medium-voltage applications but rely on external energy absorption
circuits. In these configurations, a current injection branch, usually an LC network,
generates a reverse current that forces the SCR below its holding current. Figure 1.4

illustrates representative SSCB implementations for both topologies.

...................... SO
................... @
Solid-State Branch
1
X
P ;

Fig. 1.4 Solid-state circuit breaker topologies: (a) semi-controlled topology using an SCR, an
LC resonant current-injection branch, and a MOV for energy absorption; (b) fully-controlled
topology using an IGBT with a MOV in the clamping branch.

SSCBs enable ultrafast, arc-free fault interruption, providing high speed, silent
operation, and easy coordination with control systems. Their main drawbacks are
thermal management challenges, and cost, especially at high voltages and currents.
They also lack galvanic isolation, and semiconductor failures often create short
circuits, hindering fault clearance. Research focuses on wide-bandgap devices, im-
proved energy absorption circuits, and hybrid designs. SSCBs are best suited for low-
and medium-voltage DC grids, aerospace, marine, and fast-charging applications.
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1.2.3 Hybrid Circuit Breakers

Hybrid circuit breakers (HCBs) combine mechanical and solid-state switching tech-
nologies to achieve fast, reliable, and arc-free current interruption while minimizing
conduction losses during normal operation. They have emerged as a promising
solution for low- and medium-voltage DC applications, where purely mechanical
breakers are too slow and fully solid-state designs suffer from high on-state losses.
By integrating the advantages of both technologies, HCBs offer an effective balance
between speed, efficiency, and robustness, enabling fault interruption in tens to

hundreds of microseconds.

An HCB consists of three main components [41]: a mechanical switch, a solid-
state branch, and an optional auxiliary commutation circuit. The mechanical switch
conducts during steady-state operation with minimal losses, while the solid-state
branch—based on devices such as IGBTs, MOSFETs, or thyristors—operates only
during fault interruption, enabling fast and arc-free current breaking. An energy
absorption branch, typically a MOV or a snubber, dissipates the energy stored
in the line inductance after interruption. Figure 1.5 illustrates the topology of a
hybrid circuit breaker. The semiconductor and energy-absorption technologies
were discussed in the previous subsection; the following discussion focuses on the

commutation mechanisms that govern hybrid breaker operation.

Only required for
Jiaiaiaiainiaieioainiaiainieinindoiniaiainiaiainiaininiaind - zero-voltage commutation and
Aqulla[ y : zero-current commutation
Commutation

Circuit

>
P ;
Solid-State Switch
X

Fig. 1.5 Topology of a hybrid circuit breaker.
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Depending on the way current is transferred between the mechanical and solid-
state branches, different commutation methods are employed. The simplest approach
relies on arc-based commutation, where, once a fault is detected, the solid-state
switch is turned on and the mechanical switch begins to open. As the contacts
separate, an arc forms and the voltage across it gradually increases. This rising arc
voltage drives a progressive current transfer from the mechanical path to the solid-
state branch, which eventually carries the entire fault current. In this configuration,
the arc voltage itself acts as the driving force for commutation, allowing fault current
transfer without auxiliary circuitry. Although this approach is relatively simple, it still
involves arcing and contact erosion, which limit the breaker’s lifetime and make it
less suitable for applications requiring frequent operation. A practical demonstration
of this concept is presented in [42], where a test setup validates the current transfer

mechanism through arc-assisted commutation.

A more controlled technique is the zero-voltage commutation (ZVC) method.
In this approach, an auxiliary circuit—typically implemented as an LC branch or
snubber network—Ilimits and shapes the voltage across the mechanical switch during
the commutation phase [41]. By keeping the contact voltage close to zero, ZVC
prevents premature arcing and reduces the electrical stress on the contacts. Once the
current has fully transferred to the solid-state branch, the mechanical switch opens
under near-zero-voltage conditions, achieving arc-free operation and extending the
lifetime of the mechanical component. In [43], a practical implementation of the

ZV S concept is demonstrated using a snubber-based voltage clamping circuit.

The zero-current commutation (ZCC) method takes the concept further by en-
suring that the current through the mechanical switch becomes zero before contact
separation. This is achieved using an auxiliary LC resonant circuit that generates
a reverse current to cancel the forward current in the mechanical path. When the
net current approaches zero, the mechanical contacts open without arcing. In [44], a
hybrid circuit breaker implementing the ZCC method is presented, experimentally

demonstrating arc-free operation through resonant current injection.

1.2.4 Non-Reclosing Protective Devices

Pyrofuses and current-limiting fuses have emerged as alternatives for DC fault

protection, particularly in low-voltage systems where cost, conduction losses, and
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simplicity are critical. Unlike semiconductor-based schemes, pyrofuse solutions
use a pyrotechnically actuated mechanical disconnect to provide rapid conductor
separation. This approach ensures galvanic isolation, compact design, and negligible
on-state losses, making it suitable for applications where single-use protection and
reduced complexity are acceptable trade-offs.

A fuse interrupts faults by melting its conductive element when current exceeds a
threshold. The melting creates an arc inside the sand-filled body, whose voltage rise
limits the fault current and dissipates inductive energy. Melting time depends on the
ratio between short-circuit current and nominal rating—higher currents result in faster
melting and shorter clearing times, whereas moderate overcurrents require longer
interruption. Consequently, a fuse alone is often insufficient in DC applications, as it
may not clear low overcurrents within an acceptable time.

To overcome these limitations, a pyrofuse (also called pyroswitch) is integrated
in the protection branch. It consists of a low-resistance copper link mechanically
severed by a small pyrotechnic actuator when triggered. Upon activation, an explo-
sive charge drives a cutter or piston that breaks the conductor, achieving complete
electrical isolation within a few hundred microseconds. Although the pyrofuse opens
extremely fast, it cannot absorb significant energy or interrupt large fault currents
directly; therefore, it must be combined with a fuse that first limits or extinguishes the
current. Figure 1.6 shows a schematic of the fuse structure and pyrofuse assembly.

Sand
1 Filament

(a) (b)
Fig. 1.6 Structure of (a) fuse and (b) pyrofuse.
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Two control strategies are typically used to coordinate the operation of the
fuse and pyrofuse: passive and active triggering [45]. In the passive-triggered
topology, shown in Fig. 1.7, the pyrofuse is activated by the voltage developed
across a triggering fuse. Under normal conditions, the voltage drop across the fuse
is negligible, and no current flows through the pyrofuse initiator. When a fault
occurs, the fuse melts and an arc forms, causing its voltage to rise to several hundred
volts—enough to drive current through the initiator and ignite the pyrotechnic charge.
The triggering fuse must limit the current before the pyrofuse opens; if it melts too
quickly, the remaining current may still be too high, risking incomplete interruption
or mechanical failure of the pyrofuse.

Pyrofuse

i  Current-limiting fuse i
— — —

— —
A

Fig. 1.7 Passive-triggered pyrofuse-based hybrid circuit breaker.

In contrast, active-triggered architectures employ a control circuit and semicon-
ductor switch to detect the fuse’s melting state and command the pyrofuse at the
optimal instant, as illustrated in Fig. 1.8. This active coordination prevents prema-
ture triggering and guarantees that the pyrofuse operates only when the current has
decreased to a safe level. Such designs achieve higher reliability and repeatability
but require additional sensors and control electronics. An example of this approach

is demonstrated in [45].

Pyrofuse

i  Current-limiting fuse i
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A
| Control unit |

Fig. 1.8 Active-triggered pyrofuse-based hybrid circuit breaker.
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A further improvement can be achieved by connecting an additional fuse in
parallel with the pyrofuse, as proposed in [46]. This topology, illustrated in Fig. 1.9,
allows the current to flow entirely through the pyrofuse branch under normal opera-
tion. When a fault occurs, the pyrofuse is triggered, and its rapid mechanical opening
produces a transient voltage that commutates the current into the parallel fuse. Once
the current flows through the fuse, an internal arc is formed whose voltage rises
above the system voltage, forcing the current to decrease and dissipate the stored
inductive energy. For this scheme to operate reliably, the fuse parameters must be
carefully chosen. The current rating should be relatively low so that the fuse melts
quickly—fast melting results in faster interruption. The voltage rating should be
high because the arc voltage is directly proportional to the fuse’s voltage class. In

practice, a high-voltage, low-current-rated current-limiting fuse provides the best

performance.
Main fuse
—1
 I—
Pyrofuse
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Fig. 1.9 Pyrofuse-based hybrid circuit breaker with a parallel fuse for enhanced energy
dissipation and faster fault interruption.

Pyrofuses are particularly well suited for applications that demand ultrafast fault
interruption and complete galvanic isolation, while accepting single-use protection.
They are especially attractive in DC systems that can provide very high prospective
short-circuit currents, where the fault current can rise extremely fast and must
be cleared within a few hundred microseconds to avoid severe damage. Typical
examples include battery protection in electric vehicles and energy storage systems,
as well as aerospace, automotive, and other safety-critical DC networks, where
compactness, reliability, and clean disconnection are essential. In these environments,
conventional mechanical breakers are often too slow, while fully solid-state solutions

may be penalized by high cost and continuous conduction losses.
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Pyrofuses offer galvanic isolation, compact design, and low cost. When properly
coordinated with a current-limiting fuse, they enable rapid fault interruption, though
not as fast as their solid-state counterparts. Their main drawbacks are the single-
use nature of the pyrotechnic element and the need for accurate fuse—pyrofuse
coordination. Overall, the two approaches are complementary: solid-state designs
prioritize speed and control, while pyrofuse-based solutions emphasize simplicity,

isolation, and cost efficiency.

1.2.5 Summary and Discussion

Mechanical DC breakers are valued for their simplicity, robustness, low cost, and
negligible conduction losses during normal operation. Once open, they provide
complete galvanic isolation, ensuring full electrical separation. However, their
performance is limited by the physics of electric arcs. The absence of natural current
zero crossings in DC systems results in longer interruption times and higher contact
erosion. Although techniques such as splitter plates, magnetic arc deflection, series
pole wiring, and MOV energy absorption can improve interruption capability, they
also increase system size and design complexity. Current mechanical breakers cannot

achieve the sub-millisecond interruption times demanded by modern LVDC systems.

Solid-state breakers offer the fastest and most controllable interruption, typically
in the microsecond range, since they have no moving parts and operate without arcing.
They are silent, precise, and easy to integrate into control and monitoring systems.
Their main limitations are continuous conduction losses caused by the voltage drop
across semiconductor devices, the need for complex cooling and protection systems,
and the lack of galvanic isolation. Semiconductor failures usually result in short
circuits, which can prevent fault clearance. Overall, SSCBs are best suited for
applications where speed and control outweigh cost and efficiency concerns.

Hybrid breakers combine the low conduction losses of mechanical contacts with
the fast interruption capability of solid-state switches. The current flows through the
mechanical path under normal operation, while the semiconductor branch handles
current only during fault interruption, providing arc-free operation. However, these
breakers are more complex and costly, as they require auxiliary commutation circuits
(for zero-voltage or zero-current commutation). They also lack galvanic isolation

because the semiconductor branch remains electrically connected even after interrup-



1.3 Objectives and Scope of the Thesis 15

tion. Despite these challenges, hybrid SSCBs are widely regarded as one of the most
practical solutions for achieving both efficiency and fast response in LV and MV DC

systems.

Pyrofuses offer very low on-state losses, compactness, and complete galvanic
isolation after operation. The pyrofuse rapidly severs the conductor when triggered,
but since it cannot absorb significant fault energy, it must be combined with a current-
limiting fuse. The coordination between the fuse and pyrofuse is crucial to ensure
that the current is sufficiently reduced before the pyrofuse operates. Parallel-fuse
topologies enhance energy dissipation and reduce current stress but require care-
ful selection of a high-voltage, low-current-rated fuse to achieve the desired arc
voltage and commutation performance. Although slower than solid-state-based de-
signs—with typical interruption times of 1-5 ms—pyrofuse hybrids are inexpensive,

reliable, and fast enough for most low-voltage DC systems.

Mechanical breakers remain the simplest and most efficient in terms of losses but
are inherently slow. Solid-state breakers deliver unmatched speed and controllability
but at high cost, higher losses, and no galvanic isolation. Hybrid designs with
semiconductor branches balance these trade-offs by combining speed and efficiency,
while pyrofuses emphasize low cost, compactness, and isolation, though they are
single-use and require precise coordination. In short, each technology occupies a
different niche: mechanical for robustness and isolation, solid-state for ultrafast
protection, semiconductor-hybrids for performance balance, and pyrofuses for cost-

sensitive, compact DC systems.

1.3 Objectives and Scope of the Thesis

The main objective of this thesis is to demonstrate the feasibility of a railgun-based
actuator for single-use, ultra-fast current interruption in LVDC protection systems.
The study also aims to show that this technology can surpass the speed, energy-
limiting capability, and overall performance of conventional single-use protection
devices, including current-limiting fuses and hybrid breakers based on pyrofuses.

To achieve this, a hierarchy of models, with different levels of fidelity and
computational cost, is developed. The first level consists of an analytical model that

provides a simplified yet insightful representation of the actuator’s electromechanical
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behavior, allowing fast design iterations and scalability studies. The second level
corresponds to a quasi-static model, which incorporates the main nonlinearities and
spatial effects while maintaining moderate computational requirements. The third
level is a transient multiphysics finite-element method (FEM) model, which couples
electromagnetic, motional, and thermal physics to capture the detailed dynamic
behavior of the system with high accuracy. The comparison among these models
allows the evaluation of their validity range and the establishment of a balance

between computational efficiency and predictive capability.

In parallel, the thesis also aims to design and develop a pulse-power electric drive
capable of supplying the energy required to operate the railgun actuator. The drive
must deliver peak currents exceeding 150 kA with a pulse peak time shorter than
25 ps, ensuring sufficient electromagnetic force to accelerate the armature and open
the contacts. A dedicated charging unit is designed to charge the capacitor bank of

the drive safely and efficiently.

The scope of the thesis is therefore limited to the modeling, design, and experi-
mental validation of the railgun actuator and its associated pulse-power drive. The
development of a complete DC circuit breaker prototype lies beyond the present

work and is identified as future research.

1.4 Thesis Outline

The thesis is organized into five main chapters:

Chapter 1: This chapter introduces the motivation and background of the re-
search, reviews the current state of the art in DC circuit breaker technologies, and

defines the objectives and scope of the thesis.

Chapter 2: It focuses on the system integration of the proposed ultrafast circuit
breaker. It describes the overall system architecture, the interaction between the
main subsystems, and the design considerations required to integrate the actuator,

the drive, and the mechanical interrupter into a unified protection device.

Chapter 3: In this chapter the design and implementation of the electric drive
supplying the railgun actuator is presented. It details the requirements, component

selection, and modeling of the pulse-power stage, including capacitor and switch
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technologies. The chapter also describes the experimental validation of the drive and

the development of the capacitor bank charging unit.

Chapter 4: This chapter is dedicated to the railgun actuator. It first reviews the
state of the art and operating principles of railgun-based systems, then introduces the
modeling approach at three levels of fidelity: analytical, quasi-static, and transient
multiphysics. The chapter concludes with the experimental validation of the actuator
and an analysis of the influence of the spring-loading and rail-armature contact

mechanisms on the overall performance.

Chapter 5: This chapter concludes the thesis by summarizing the main findings
and outlining potential directions for future research in this field.






Chapter 2

System-Level Performance of the
Railgun-Based Ultrafast Circuit
Breaker

Chapter 2 presents a system-level evaluation of the proposed railgun-based ultrafast
circuit breaker. The objective of this model is to assess the potential of a railgun-based
breaker, considering an average contact speed of 100 m/second, a realistic value for
railgun actuation. After introducing the simplified fault model, the chapter analyzes
the performance under different system inductances. The results are compared
against pyrofuses, the closest single-use benchmark. A comparison with a Thomson

coil actuator, the state of the art in ultrafast breakers, concludes the chapter.

2.1 System Description

Figure 2.1 shows the overall system configuration, and the corresponding parameters
are listed in Table 2.1. These values are representative of typical LVDC systems such
as EV charging stations, photovoltaic power plants, and data centers. The source
is modeled as an ideal voltage supply Vg, representing the output capacitors of a
power converter, a battery, or a DC bus. Although modeled as ideal with infinite
current capability, the actual short-circuit current is limited by the stray resistance of
the capacitors or the battery’s internal resistance. The transmission line, including

cables and interconnections, is characterized by series resistance Ry and inductance
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L, while the load is modeled as a series branch composed of R; and L;. The nominal
voltage and current are 800 V and 800 A, corresponding to 640 kW. During a fault,
the breaker trips when the current exceeds 1200 A (1.5 times nominal). A similar

fault model was used in [47].

R, L, Breaker

S5
=)
O~ :

Fig. 2.1 System-level fault model used for the analysis.

Table 2.1 System electrical parameters.

Parameter Value
Vs 800V
Rq 25mQ
L 10-100 uH
R; 1Q

L 10 uH

The simulations are performed in the Simulink environment. In this model,
the mechanical circuit breaker is represented by an ideal switch in series with a
controlled voltage source. The ideal switch captures the contact-opening action,
while the controlled source reproduces the arc voltage developing across the breaker

once separation begins. The arc voltage is defined by the following expression:
Varc = 2k)"avgt7 (2.1)

where v, denotes the arc voltage, yayg the average opening speed of the contacts, ¢
the elapsed time since arc initiation, and k a constant linking the arc voltage to the
arc length. Experimental observations in [48] indicate that arc gradients can reach
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approximately 85 V/mm. To maintain a conservative modelling assumption, this
work adopts a reduced value of 50 V/mm. For a maximum contact travel of 15 mm,
the resulting peak arc voltage is therefore 1500 V. The factor of two reflects the
presence of arcs developing on both contact surfaces, as illustrated in Fig. 2.2. Once
the current naturally reaches zero, the ideal circuit breaker opens, completing the

interruption sequence.

Figure 2.2 depicts the operating principle of the railgun-based mechanical circuit
breaker. Under normal conditions, current flows through the busbars and the closed
contact set. When a fault is detected, the railgun is triggered and the armature
accelerates, driving the contact system open and initiating an arc. The armature
is linked to the contact assembly through an electrical insulator, which preserves
galvanic isolation between the main current path and the railgun. As the armature
travels along its stroke, the contact gap continues to increase until full separation is
achieved. Additional insulating elements are installed beneath the busbars to avoid
any unintended short circuit across the contact gap once the armature reaches its

final position.

Busbars Contact
Electrical Arc

insulator

(a) (b) (©

Fig. 2.2 Railgun-based mechanical circuit breaker at successive stages of operation: (a)
nominal conduction with closed contacts; (b) contact separation with the armature mid-
stroke; (c) full opening with the armature at the end of its travel.

Figure 2.3 illustrates the prospective short-circuit current for different values of
system inductance when a fault occurs directly across the load at t = 2ms.
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Fig. 2.3 Prospective short-circuit current for system inductances of 10 uH, 50 uH, and 100 uH.

2.2 Influence of the System Inductance on the Current

Interruption Process

The system inductance plays a decisive role in the dynamics of fault interruption.
When a short circuit occurs, the evolution of the current is governed by the basic
relation & v

d—; - L—: 2.2)
Figure 2.3 shows that lower inductance values result in a significantly steeper current
rise. In practical terms, this means that for low-inductance systems—typical of
compact LVDC architectures—the fault current reaches high values within only a
few microseconds. Such rapid current escalation places extreme requirements on
the breaker, which must initiate contact separation and develop sufficient arc voltage

before the current becomes uncontrollable.

Conversely, while low inductance leads to higher di/dt, it also facilitates current

reduction once the breaker generates a counter-voltage during the interruption pro-
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cess. When the arc voltage v, exceeds the source voltage Vj, the current derivative

becomes negative and the current begins to decrease according to

di  Vg—vae
—=— 23
With a small system inductance, the slope of this decay is steep, allowing the current
to be forced toward zero very quickly—provided that the breaker is capable of
generating a sufficiently high arc voltage in a very short time during the interruption

process.

In contrast, higher system inductance reduces the initial rate of rise of the short-
circuit current but increases the amount of magnetic energy stored in the loop. The
instantaneous magnetic energy stored in the system Ej is given by the following

expression:
1

Ey= L. 2.4)
Thus, although the current grows more slowly for larger inductances, the amount of
energy that must be absorbed during interruption may become greater. The higher
the energy to be dissipated, the lower the efficiency of the interruption process and
the larger and more robust the breaker must be to effectively withstand the associated

thermal and mechanical stresses.

Overall, the system inductance introduces two opposing effects: low inductances
lead to an extremely fast current rise but allow for rapid current suppression once the
arc voltage is established, whereas high inductances yield slower fault dynamics but
may require more energy to be dissipated during the interruption process, increasing

the stress on the breaker.

For the three inductance values considered in this study, Table 2.2 summarizes

the initial di/dr and the magnetic energy stored in the system before the fault occurs
E; (l‘()).

Table 2.2 Initial di/df and stored magnetic energy for different system inductances.

Ly di/dt  E(t)
[uH]  [A/ps]  [J]
10 80 32
50 16 16
100 8 32
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Figure 2.4 illustrates the current interruption process for the three inductance
values considered. As previously discussed, the lowest-inductance case (Lg = 10 uH)
exhibits the fastest current rise, reaching a peak of 5.9 kA within 130 ps; nevertheless,
the proposed breaker clears the fault in only 300 ps. For a medium inductance of
50 uH, the peak current is significantly reduced to 2.3 kA, and full interruption is
achieved in approximately 520 us. Finally, in the high-inductance case (Ls = 100 uH),
the peak current is limited to 1.8 kA, with complete current extinction occurring
within 620 ps.

—Ls=10pH
— L,=50pH
5| Ly = 100pH | |

Current (kA)
w

1.8 2.0 2.2 24 2.6 2.8 3.0

Time (ms)

Fig. 2.4 Current interruption for system inductances of 10 uH, 50 uH, and 100 uH.

These results demonstrate that the railgun-based breaker consistently achieves
sub-millisecond interruption across a wide range of inductances, outperforming state-
of-the-art single-use protection devices. For comparison, the Autoliv PSS-5 pyrofuse
provides interruption times of up to 1 ms for Ly = 25 uH at a nominal rating of 500 A
and 1000 V [49]. Eaton’s EBPS100F40A device reaches interruption times of up
to 2ms for Ly = 20uH at 400 A and 1000 V [50]. Similarly, the Mersen XP series
offers interruption times around 1 ms for 800 A, 1000V, Ly = 10uH [51]. In all
cases, the proposed railgun-based breaker provides substantially faster interruption

while handling significantly higher currents.
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The energy dissipated in the breaker, Ey,, during the interruption process is also
evaluated. This quantity is obtained by integrating the instantaneous power across

the breaker contacts, as expressed by
Eb - /Varc idt. (2.5)

Figure 2.5 shows the resulting dissipated energy for the different inductance
values considered in this study. Although the stored energy in the system is lowest for
the 10 uH case—and the interruption time is also the shortest—the dissipated energy
is the highest. This occurs because the very low inductance causes an extremely rapid
current rise, which in turn produces a high instantaneous arc power and therefore a
greater total energy dissipation in the breaker during the entire interruption process.
It is also noteworthy that, despite the lower peak current observed in the 100 uH case,
the dissipated energy is nearly equal to that of the SO uH case. This is explained
by the longer interruption time associated with higher inductance systems, which
compensates for the reduced peak current and ultimately leads to comparable overall
energy absorption in the breaker, even though the fault dynamics evolve noticeably

more slowly.

900
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Energy (J)
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Fig. 2.5 Energy dissipated in the breaker for system inductances of 10 uH, 50 uH, and 100 uH.
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2.3 Railgun vs. Thomson Coil Actuation: Impact on

the Current Interruption Process

As shown in (2.3), the arc voltage strongly influences the interruption time, as it
determines how quickly the current is forced to zero. A higher arc voltage results in
a larger negative di/dt, accelerating current decay. Equation (2.1) further indicates
that arc voltage is proportional to actuator speed: faster contact separation produces
higher arc voltage. Actuators capable of higher speeds are therefore more suitable
for ultrafast interruption, since they establish larger arc voltages earlier and reduce

clearing time.

The Thomson coil is widely regarded as the state-of-the-art electromagnetic
actuator for ultrafast DC circuit breakers due to its simplicity and ability to generate
large repulsive forces. It operates by discharging a high-current pulse through a
flat spiral coil, producing a rapidly varying magnetic field. This field induces eddy
currents in a nearby conductive armature (usually an aluminum or copper disk), and
the interaction between the induced eddy currents and the resulting magnetic field
produces a repulsive Lorentz force that accelerates the movable contact, enabling
ultrafast separation. Figure 2.6 illustrates a basic configuration. A fundamental
limitation, however, is its relatively high initial inductance, typically around 1 uH,
compared to the proposed railgun, which exhibits an inductance below 100 nH. This
difference is critical because inductance directly constrains current rise. Since the
electromagnetic force is proportional to the square of the current, lower inductance

enables faster current buildup and greater initial acceleration.

4
e
l

Fig. 2.6 Basic sketch of the Thomson coil actuator.

Reported Thomson coil actuators in the literature exhibit a wide range of achiev-
able velocities, but all remain within the sub-100-m/s domain. In [52], the armature
travels 35 mm in 1 ms, corresponding to an average speed of about 35m/s. The
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modeling study in [53] reports terminal velocities up to 75 m/s, the closest to the
railgun performance, although requiring around 2.5 ms to reach this value. Faster
acceleration is observed in [29], showing 23 m/s in 500 s, while [54] achieves
34m/s in only 300 us, representing the best trade-off between speed and reaction
time. Experimental work in [55] reports 22 m/s in 1.5 ms, and [56] shows 25m/s
from a 25 mm stroke in 1 ms. Collectively, these data indicate that a Thomson coil
can realistically reach an average speed of about 30 m/s within the first 300 ps,

providing a practical benchmark for comparison with the railgun-based actuator.

Figure 2.7 shows the arc voltage generated by both actuation mechanisms for
a system inductance of 10 uH. In the case of the railgun actuator, the arc voltage
rises rapidly and reaches nearly 1.5kV within approximately 300 us, whereas the
Thomson coil-based actuator achieves only about 1200 V and requires close to
800 ps to reach this value. This difference is fully consistent with the discussion
presented earlier: higher actuator speeds lead to faster contact separation, which
in turn produces a larger arc voltage in the early stages of the interruption process.
The superior acceleration capability of the railgun therefore translates directly into
a higher and more rapidly established arc voltage, enabling a substantially faster

current extinction compared to the Thomson coil.
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Fig. 2.7 Arc voltage obtained with the railgun actuator and the Thomson coil actuator.
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Figure 2.8 illustrates how the higher arc voltage generated by the railgun-based
actuator leads to a more effective current interruption compared to the Thomson
coil-based breaker. With the railgun, the fault current remains below 6 kA and is
fully interrupted within roughly 300 pys. In contrast, the Thomson coil produces a
weaker, slower-rising arc voltage, allowing the current to reach nearly 12 kA and
persist for more than 800 us. These results demonstrate that the faster actuator speed
of the railgun enables earlier arc-voltage buildup, accelerating current extinction and
reducing system stress.

12 I
— Railgun
—— Thomson Coil
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8 |
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Fig. 2.8 Current interruption process using the railgun and Thomson coil actuators.

The advantages of the railgun-based actuator are also reflected in the energy
dissipated during the interruption process. As shown in Fig.2.9, the breaker equipped
with the railgun dissipates approximately 900 J during the fault-clearing sequence,
whereas the Thomson coil-based breaker dissipates nearly 3.6 kJ. This represents a
fourfold increase in dissipation for the Thomson coil. The substantially lower energy
in the railgun case is a direct consequence of its faster current extinction and higher
arc voltage, which reduce both the magnitude and the duration of the fault current. In
contrast, the slower response of the Thomson coil results in a higher peak current and

a much longer interruption time, significantly increasing the total energy that must
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be absorbed by the breaker. A more efficient interruption process not only lowers
the thermal and mechanical stress on the components but also reduces degradation
of the contact system and arc chamber, ultimately enabling more compact, robust,

and longer-lasting breaker designs.
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Fig. 2.9 Energy dissipated during the interruption process using the railgun and Thomson
coil actuators.

2.4 Summary and Conclusions

This chapter has examined the system-level performance of the proposed railgun-
based ultrafast circuit breaker in a simplified LVDC fault scenario, providing a
comprehensive evaluation of its interruption capabilities under realistic operating
conditions. The analysis first highlighted the crucial influence of the system induc-
tance in shaping both the short-circuit current evolution and the amount of energy
that must ultimately be dissipated during the interruption process. Low-inductance
systems—typical of compact, cable-dominated LVDC architectures—exhibit ex-
tremely fast current rise, placing stringent demands on the breaker. However, once a

sufficiently high arc voltage is established, these same low-inductance systems also
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enable very rapid current suppression. Conversely, higher inductances slow down the
initial fault dynamics but significantly increase the stored magnetic energy, thereby
imposing greater thermal and mechanical stress on the breaker. The parametric
study for Ly = 10uH, Ly = 50puH, and Ly = 100uH demonstrated that the proposed
railgun-based breaker consistently achieves sub-millisecond fault clearing across
all cases, while providing effective current limitation and maintaining robustness

against a wide range of fault severities.

A comparison with state-of-the-art pyrofuse-based single-use protection devices
further quantified the performance benefits of the railgun approach. Commercial
pyrofuses such as the Autoliv PSS-5, the Eaton EBPS100F40A, and the Mersen
XP series typically exhibit clearing times between 1 ms and 2 ms under comparable
voltage, current, and inductance conditions. These devices therefore operate at
least an order of magnitude slower than the railgun-based breaker, especially in
low-inductance LVDC systems where ultrafast current escalation is most critical.
The analysis in this chapter shows that the railgun-based design can interrupt signifi-
cantly faster, while simultaneously limiting the peak currents and reducing the total
interruption energy. As a result, the railgun-based solution offers a clearly superior
protection envelope for emerging LVDC applications where high power density and
ultrafast fault clearing are essential.

A detailed comparison between railgun and Thomson coil actuation mechanisms
was then conducted to assess the role of actuator speed on the arc voltage, current
extinction, and energy dissipation. For a representative system inductance of 10 uH,
the railgun actuator generated an arc voltage approaching 1.5kV within roughly
300 ps, while the Thomson coil required nearly 800 us to reach only 1200 V. This
disparity directly translated into markedly different interruption behaviors: the
railgun-based breaker limited the fault current to below 6 kA and cleared the fault in
around 300 ps, whereas the Thomson-coil-based breaker allowed the current to reach
almost 12 kA and needed more than 800 us to interrupt. Energy dissipation results
further reinforced this trend: the railgun-based design absorbed approximately 900 J,
compared to nearly 3.6 kJ for the Thomson coil—representing a fourfold reduction.
This enhanced efficiency not only lowers thermal and mechanical stress on the
breaker but also reduces erosion of the contacts and arc chamber, enabling more
compact, durable, and reliable designs.
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Overall, this chapter demonstrates that the railgun-based actuator provides sub-
stantial system-level advantages over both pyrofuse-based hybrids and Thomson-
coil-based electromagnetic breakers. Its ability to generate higher arc voltages at
much earlier stages of the fault, combined with faster current extinction and substan-
tially lower interruption energy, positions the railgun-based breaker as a promising
solution for next-generation LVDC protection systems requiring ultrafast, reliable,

and compact single-use interruption capability.






Chapter 3

The Electric Drive

Chapter 3 focuses on the design and implementation of the electrical drive that powers
the railgun-based actuator. The chapter begins by establishing the key electrical
specifications for the pulse-power drive, followed by a systematic evaluation of
suitable pulse-power topologies. It then presents the detailed design of the electric
drive, with particular attention given to the minimization of stray inductance. The
chapter concludes with the experimental validation of the drive and a summary of

the main design insights.

3.1 Electric Drive Design

The operation of the proposed railgun-based actuator relies on the rapid delivery
of a high-current pulse, which places stringent requirements on the electrical drive.
To achieve the target armature acceleration and contact separation speed, the drive
must supply a current waveform with a peak amplitude exceeding 100 kA and a rise
time below approximately 25 ps. These values, derived from the actuator simulation
presented in the next section, determine the minimum energy, voltage, and di/dz
capability that the drive must provide.

Such requirements are met using the capacitor-discharge pulse-power architecture
shown in Fig. 3.1. In this topology, the capacitor bank stores the energy required for
the shot, and when the switching device is triggered, this energy is rapidly delivered
to the railgun, generating the high-current pulse needed for acceleration. Once the

diode becomes forward-biased, it freewheels the railgun current. It is important to
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note that the parasitic elements of the drive are not represented in the schematic of

Fig. 3.1; these will be discussed in detail in the later sections of this chapter.

By,

Railgun

Fig. 3.1 Topology of the pulse-power electric drive used to supply the railgun-based actuator.

3.1.1 Capacitor Bank Design

A wide range of capacitor technologies is available, each tailored to specific electrical,
thermal, and mechanical requirements. These technologies exhibit different trade-
offs in terms of energy density, voltage rating, current capability, parasitic elements,
lifetime, and reliability. Selecting an appropriate capacitor technology is therefore
a critical step, as it directly affects the performance, efficiency, and robustness of
the electric drive. This section reviews the main capacitor technologies commonly
used in power electronics and high-energy systems, highlighting their advantages,

limitations, and typical use cases.

Aluminium electrolytic capacitors offer very high volumetric energy density
and are widely used in applications requiring bulk energy storage, such as DC-link
filtering, UPS systems, and industrial drives. Their main advantages include low
cost, high energy density, and availability in high-voltage configurations when used
in series. However, electrolytic capacitors suffer from relatively high equivalent
series resistance (ESR) and equivalent series inductance (ESL). The ESR limits
the permissible peak current due to the associated thermal stress, while the ESL
restricts the achievable di/d¢ by introducing an inductive impedance that slows the
current rise. As a result, despite their large energy density, electrolytic capacitors
are not appropriate for delivering the fast, high-amplitude pulses required by the

railgun-based actuator.
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Multilayer ceramic capacitors exhibit very low ESR and ESL, excellent high-
frequency characteristics, and high reliability. These properties make them particu-
larly well suited to high-frequency switching converters, resonant circuits, decou-
pling applications, and fast transient suppression. Nevertheless, their capacitance
per volume is limited, especially at high voltage ratings, and they cannot store the
energy levels required for large-scale pulse-power systems.

Supercapacitors provide extremely high capacitance values and excellent cycle
life. However, their relatively low voltage rating per cell (typically 2.7-3.0 V), high
ESR, and limited ability to supply high peak currents on short time scales make
them unsuitable for delivering high-power microsecond pulses. Their energy must
be released over longer time intervals, and large series stacks introduce balancing
requirements and further increase in the ESR. For these reasons, supercapacitors are

not a practical option for high-voltage, high-di/dr pulse-power drives.

Polypropylene film capacitors have become the preferred choice for modern
pulsed-power applications. They combine low ESR and ESL with high peak cur-
rent capability, excellent dielectric strength, and long operational lifetime. Their
self-healing property enhances reliability by preventing catastrophic failure under
localized dielectric breakdown. Film capacitors also offer high voltage ratings, stable
capacitance over time and temperature, and very low dissipation factor, all of which
are essential for delivering fast high-current pulses. Pulse-grade polypropylene ca-
pacitors are specifically designed for applications such as defibrillators, pulsed lasers,
railguns, crowbar circuits, and high-power resonant converters. Considering these
attributes, polypropylene film capacitors have been selected as the most suitable
technology for the capacitor bank of the proposed electric drive.

In order to support the design of the drive, the pulse-power stage is represented by
the lumped-parameter circuit shown in Fig. 3.2. The capacitor bank is modelled as an
ideal capacitor C initially charged to V. The connection between the capacitor bank
and the diode is represented by the stray inductance Lg,y,1 and the stray resistance
Rstray,1, which mainly capture the ESL and ESR associated with the capacitor and the
conduction path from the capacitors to the diode. In a similar manner, the connection
between the diode and the load is modelled by the stray inductance Lgray 2 and the
stray resistance Ray 2. The load is represented only by an equivalent inductance
Lioag- The load resistance is neglected, as it lies in the range of 10 uQ to 20 p<,

which is negligible compared with Rgray,1 as well as the internal on-state resistance
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of the diode and the thyristor. Since the impedance of the load is very low—on the
order of only a few nanohenries—the dynamics of the circuit are predominantly

governed by the stray inductances and resistances.

Lstray7 1 Rstray, 1 Lstray,Z Rstray,2

Lload

Fig. 3.2 Lumped-parameter representation of the pulse-power drive.

At the beginning of the discharge, the diode is reverse-biased and does not
conduct, so the current flows exclusively through the capacitor bank, the stray
elements, and the load. Under these conditions, the system behaves as an LCR circuit,
where the total inductance Ly is given by the sum of the individual inductances in
the loop, i.e.,

Lot = Lstray,l + Lstray,Z + Liot- 3.1)

Similarly, the total series resistance Ry is
Riot = Rstray,l + Rstray,Z- (3.2)

The governing equation of the circuit during the initial discharge, when the diode is
reverse-biased, is obtained by enforcing Kirchhoff’s voltage law around the loop and
is given by

di R Y L
Ltota‘f‘Rtotl‘f‘E/o idt—Vo=0. (3.3)

This expression combines the voltage drops across the total loop inductance, the
total series resistance, and the capacitor voltage written in integral form. In order to

obtain a standard differential equation, (3.3) is differentiated with respect to time.

Using the fact that
di !
d—; </0 idr) —i (3.4)
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differentiation of (3.3) yields

2. .

Lo g + Rt g + g i=0. (3.5)

Equation 3.5 corresponds to the standard homogeneous second-order differential

equation of a series LCR network. The initial conditions follow directly from the

physical initial state of the circuit. Since the capacitor is initially charged to Vo and
no current flows at t =0,

i(0) =0. (3.6)

Evaluating 3.3 at t = 0, the integral term vanishes, leading to

LtOt E(O) - V() - 0 (37)
which yields
di Vo
—(0) = . 3.8
dr ©) Liot 5.8
The characteristic equation associated with (3.5) is
2 1
LtotS + Rtots + E, (39)
with solutions
L
—Ri £ 4 [Ro” —4 -5
S12= . (3.10)

2 Lot
Using the standard form of the solution to a second-order homogeneous differential
equation and enforcing the initial conditions, the resulting expression for the current
1S v

s 0 s1t syt

j=—— (e’ —¢ . 3.11D)

Liot (51 —52) ( )
Equation 3.11 represents the general solution for the current and is valid in all

damping regimes, with s and s, taking real or complex values depending on the

discriminant of the characteristic equation.

In the overdamped regime, the characteristic equation has a positive discriminant
and yields two distinct real roots, resulting in a non-oscillatory transient formed by

two exponentially decaying modes.
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In the critically damped regime, the characteristic equation has a repeated root

S1,2 = — (3.12)

i=—te’2l (3.13)

This is the fastest non-oscillatory response achievable by the system.

When the system is underdamped, the roots of the characteristic equation are

complex conjugates,

12 =—0 ijwd, (3.14)
Riot

o= , (3.15)
2 Lot

g =/ 0F — 02, (3.16)
1

Wy = ; (3.17)
VLot C

where « is the damping factor, wy is the damped natural frequency, and @y is the
undamped natural frequency. Substitution into (3.1) yields

Vo
l =
Lot 04

e * sin(wqt), (3.18)

which corresponds to a sinusoidal waveform with exponentially decaying amplitude.

As a first approximation, the total resistance and inductance of the loop are
assumed to be 2 mQ and 100 nH, respectively. Under this assumption, the critical
capacitance can be obtained by imposing a zero discriminant in the characteristic

equation, i.e.,
_ 4L 4-100-107°

C. = =
T Ryt 2.10-3

= 100mF. (3.19)

Figure 3.3 illustrates the system response for different values of the capacitance
C. As expected from the analytical expressions, three distinct behaviours can be
observed. For capacitance values over the critical value, the response is overdamped
and exhibits a slow, non-oscillatory decay. When C is set to the critical value, the sys-
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tem becomes critically damped, producing the fastest non-oscillatory transient. For
capacitance values below the critical threshold, the response becomes underdamped

and shows a decaying oscillatory waveform.
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Fig. 3.3 Drive response for different capacitance values: C =2C, C = C, and C = 0.5C,,
illustrating the underdamped, critically damped, and overdamped regimes, respectively.

From Fig. 3.3, it is evident that the capacitance required to meet the drive
specifications lies below the critical value, and the system therefore operates in the
underdamped regime. Consequently, the expressions for an underdamped response
are used for the sizing process. The time at which the first current maximum occurs
tp is obtained by imposing di/dt = 0 . Differention of i yields

di  Vp

—=—e

%" (g cos(wqt) — o sin(wqt)). (3.20)

Since the exponential term is always positive, the peak is determined by the condition

g cos(mgt) — o sin(wgt) = 0. (3.21)
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Rearranging this expression gives

),
tan(wqt) = Ed (3.22)

from which the time to the first peak 7, follows directly as

1 g
t, = — arctan| — ) . 3.23
p o arc an( p ) ( )

This expression relates the peak time to the damping factor and the damped
natural frequency and is used for the sizing of the capacitor bank in the underdamped

regime.

In practical sizing calculations, it is often convenient to make use of a simplified
approximation for the peak time. When the system is lightly damped, i.e., when o <
oy, the ration @/ becomes large and the argument of the arctangent approaches

7/2. Under this condition, the peak time expression reduces to

T
ty ~ —— 3.24
p 2 4 ’ ( )
which shows that the peak time is dominated by the damped natural frequency.

A further simplification can be obtained by assuming a lightly damped response,
so that the damped natural frequency can be approximated by the undamped one,

1.e., g ~ wp. Under this assumption, the peak-time expression reduces to

T T
tp ~ m = 5 \/ LtotC’ (325)

from which the capacitance can be explicitly expressed as a function of the total

inductance and the desired peak time. Solving for C yields

1 /2t,\% 41
C~ —p) =2 (3.26)
Ltot ( T nthot

This relation provides a simple closed-form estimate of the required capacitance for
a specified peak time and is used as a first sizing step for the capacitor bank.

Considering that the maximum allowable peak time is 25 ps, the upper bound on

the capacitance Cpy,x can be obtained directly from the approximate expression in
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(3.26). Substituting 7, = 25 ps into this relation gives

2

4t
Cimax = —57— = 7.96mF. (3.27)
7t~ Liot

The peak-current requirement sets a lower bound on the capacitance of the bank,
since a sufficiently large capacitance is necessary for the drive to deliver the specified
peak current to the railgun. The first current maximum occurs at the time #,, which is
determined by the peak-time expression given in (3.23). Evaluating the underdamped
current waveform at this instant yields

Vo

Iy = ————
P
Lot 04

e” " sin(wqtp) (3.28)
This exact expression does not provide a convenient closed-form dependency on the
capacitance. However, under the lightly damped operating conditions of the drive,
the following approximations can be adopted:

Wy ~ 0y, (3.29)
sin(watp) ~ 1, (3.30)
e % 1. (3.31)

Substituting these approximations into the exact expression for the peak current

simplifies it to
Vo

Lot
C

which forms the basis for determining the minimum capacitance required by the

(3.32)

lp%

peak-current constraint.

Rearranging (3.28), the capacitance can be expressed as a function of the desired

peak current. Solving for C yields

(3.33)

showing that the peak-current requirement directly defines the minimum admissi-

ble capacitance. This expression establishes a simple analytical link between the
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capacitor-bank size and the required drive performance: higher peak-current specifi-
cations translate into proportionally larger capacitor values. By imposing the design
constraint i, = 100kA, the lower bound of the capacitance Cp;, is therefore obtained
as

Liot B
Chin = Voz i =444 uF. (3.34)
This result complements the upper limit derived from the peak-time requirement
and fully defines the feasible design range of the capacitor bank.

Based on the capacitance range defined by the peak-time and peak-current
requirements, together with the low-ESL and low-ESR constraints, a metallized
polypropylene film capacitor was selected. The C44USGT6460M31K from the
KEMET C44U-M series meets all electrical requirements of the pulse-power drive.
Its main characteristics are summarised in Table 3.1.

Table 3.1 Main specifications of the selected capacitor (C44USGT6460M31K).

Parameter Value

C 460 pF
Vb 1500 V
ESL 40 nH
ESR 1.2mQ

The parameter Vypc denotes the rated DC voltage of the capacitor.

Based on the electrical characteristics of the selected capacitor, the exact values

of the peak time and peak current can now be determined:

a= =10%1/s, (3.35)

— 1.47-10%rad/s, (3.36)

g =/ 0} — a?=1.46-10"rad/s, (3.37)

1 [0
= — arctan(5d> — 10.2ps, (3.38)
Vo

= e *Pgin(wyt,) = 91.85KA. (3.39)
Lot 04 ( ¢ p)
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The selected capacitor bank satisfies the peak-time requirement, yielding 7, =
10.2us, well below the design limit of 25 us. However, the peak current reaches
only 91.85 kA, which does not meet the 100 kA target. Two solutions can address
this limitation. The first is to use the larger C44USGT6950M32K capacitor, rated
at 950 pF, with 1.15 mQ ESR and 80 nH ESL, while maintaining the 1.5kV rating.
The second option is to connect two C44USGT6460M31K units in parallel. This
configuration provides 920 pF, approximately 600 uQ2 ESR, and about 20 nH ESL.
Due to the significantly reduced parasitic inductance and resistance, the parallel
arrangement improves pulse performance and represents the most efficient solution.
The expressions used to calculate the corresponding peak time and peak current for
this configuration are given below:

a= =10*1/s, (3.40)

=1.04-10°rad/s, (3.41)

wg = \/ 0 — a%=1.04-10°rad/s, (3.42)

1 g
p o arc an( p > us, ( )
. V0 — Oty .-
i,=———¢€ “'Psin(wgt,) = 124.82KA. (3.44)
p LtOt o ( d p)

As shown by the results obtained with the parallel configuration, the proposed ca-
pacitor bank fully satisfies the design criteria. The computed peak time is 7, = 14.2 s,
which remains well below the required limit of 25 ps, while the corresponding peak
current reaches 124.8 kA, exceeding the minimum specification of 100 kA. These
values confirm that the selected capacitor arrangement provides the necessary perfor-

mance margin for reliable operation of the pulse-power drive in the railgun actuator.

The drive design requires careful consideration of the maximum dv/dz and peak
current stresses on the capacitor bank. Metallized film capacitors are selected for
their robustness under pulsed operation and intrinsic self-healing capability: local-
ized dielectric breakdown causes the thin metallization to vaporize and isolate the
defect, allowing continued operation. Exceeding 9 V/us or 3900 A may accelerate
capacitance degradation through increased self-healing events; however, such over-
stress does not lead to catastrophic failure. Since the proposed protection system is

single-use, capacitance derating is not critical.
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3.1.2 Switching Device Selection

High-current pulse-power applications typically rely on a limited set of switching
technologies that can withstand extreme di/df rates, large peak currents, and high
transient voltages. Among the most widely used solutions are triggered spark-gap
switches, SCRs, and their high-performance derivatives—the IGCTs.

A triggered spark-gap switch is a gas-discharge device in which the transition
from insulating to conductive state is initiated in a controlled manner through an
auxiliary triggering electrode. Under normal operating conditions the main electrodes
remain separated by a non-conductive gas gap, sustaining the applied voltage without
significant leakage. When a trigger pulse is applied, a localized discharge is first
generated near the trigger pin. This localized ionization produces an initial population
of free electrons and ions, which lowers the effective breakdown voltage in the
vicinity of the trigger region. As these charge carriers multiply through impact
ionization, the electrical field between the main electrodes becomes locally enhanced,
leading to a rapid avalanche process and the formation of a conductive plasma
channel across the main gap. Once established, this plasma column exhibits a very
low dynamic resistance, allowing the switch to conduct extremely high peak currents
with minimal voltage drop. Figure 3.4 illustrates a representative cross section of a
triggered spark-gap switch, highlighting the main electrodes, trigger electrode, and
discharge path.

Trigger Electrode

/\ Trigger Pulse

Fig. 3.4 Cross-sectional view of a triggered spark-gap.
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The operation of a triggered spark gap is inherently affected by time jitter,
defined as the statistical variation in the delay between the application of the trigger
pulse and the formation of the main discharge. This jitter originates from the
stochastic nature of the initial ionization processes within the filling gas: even
under identical conditions, the number, spatial distribution, and energy of free
electrons available at the moment of triggering fluctuate randomly. Consequently, the
evolution from the localized trigger-initiated plasma to the full avalanche breakdown
exhibits a non-deterministic delay. Experimental studies report that the trigger-pulse
characteristics have a decisive influence on jitter performance. A higher trigger-pulse
amplitude reduces the statistical-time lag by producing stronger local electric-field
distortion and a larger initial density of seed electrons [57, 58], thereby improving
reproducibility. Similarly, a steep trigger-pulse rise time (high dv/dt) accelerates
the formation of the primary ionization region, shortening the formative-time lag
and reducing overall jitter [57, 58]. The literature confirms that insufficient trigger
amplitude or a slow-rising pulse can lead to incomplete pre-ionization, resulting in
larger delay dispersion, misfires, or even self-breakdown of the gap at the working
voltage. These effects have been experimentally characterized in several studies,
which demonstrate that well-timed, high-voltage, fast-rising trigger pulses yield the
lowest jitter and most reliable switching behavior in triggered spark-gap systems.

The filling gas plays a central role in determining the breakdown characteristics
and switching performance of a triggered spark-gap switch. Its composition, pressure,
and purity directly influence the statistical and formative time lags, the breakdown
voltage, the arc conductivity, and the recovery behaviour of the device [59, 60].
Gases with high dielectric strength, such as SFg or high-pressure N,, increase
the self-breakdown voltage and reduce the probability of undesired pre-ionization,
thereby improving hold-off capability. However, higher pressure also increases the
statistical time lag unless sufficient trigger energy is provided. Conversely, gases with
lower ionization potential support faster formation of initial electrons and typically
yield lower jitter. The arc conductivity and voltage drop during conduction are also
gas-dependent: heavier molecules tend to produce a higher arc voltage, while lighter
gases support faster plasma expansion and lower conduction losses. In addition, the
gas composition strongly affects the recovery time, i.e., the interval required after
a discharge for the ionized plasma in the gap to recombine and diffuse sufficiently
for the device to regain its full dielectric strength. Gases with slow deionization

dynamics prolong this recovery process, thereby limiting the maximum achievable
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repetition rate. Overall, the choice of filling gas represents a trade-off between
insulation strength, jitter performance, arc characteristics, and recovery speed, and

must be matched to the specific requirements of the pulse-power application.

For the present application, the spark gap is not required to withstand high DC
hold-off voltages, and the insulation margin is modest compared to systems operating
at several tens of kilovolts. Consequently, there is no need to employ high-dielectric-
strength gases such as SFg or pressurized N;, which would unnecessarily increase
the breakdown voltage and the statistical time lag. Instead, lighter gases offer clear
advantages. In particular, H, provides very fast ionization kinetics, low ionization
potential, and excellent arc conductivity, which collectively support reduced jitter,
lower formative delays, and minimal conduction losses. Moreover, the recovery
time of the switch is not a limiting factor for this application, since the actuator
requires only a single discharge and does not operate at high repetition rates. These
characteristics make H; a well-suited filling gas for a low-hold-off, high-current
pulse-power switch, aligning the gas choice with the performance requirements of

the proposed actuator drive.

The selection of electrode materials has a decisive impact on the performance,
stability, and lifetime of triggered spark-gap switches. During conduction, the arc
channel reaches extremely high temperatures, causing intense localized heating,
erosion, and material vaporization at the electrode surfaces. Materials with a high
melting point, high thermal stability, and strong resistance to arc erosion—commonly
referred to as refractory metals—are therefore typically preferred. Refractory metals
such as tungsten and molybdenum exhibit exceptionally high melting points and
low vapor pressure at elevated temperatures, allowing them to withstand severe
thermal and electrical stress while preserving a consistent gap geometry. Tungsten
and tungsten—copper composites are particularly attractive due to their low erosion
rate and favorable thermal properties. Copper or brass electrodes offer low arc
voltage and excellent electrical conductivity but suffer from rapid erosion, making
them less suitable for high-energy discharges. Stainless steel is sometimes used in
low-cost or moderate-current spark gaps due to its mechanical robustness and ease
of machining; however, it exhibits higher erosion and less stable emission behaviour
compared to refractory metals. The electrode material also influences the onset of
breakdown through its electronic properties [61, 62]. In particular, materials with
a high work function emit fewer secondary electrons during triggering, reducing

statistical fluctuations and improving breakdown reproducibility, which is especially
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critical in applications requiring low jitter and high switching reliability under

repetitive operation.

Despite the suitability of triggered spark-gap switches for high-current pulse-
power applications, this technology is ultimately not adopted in the present design.
Most commercially available triggered spark gaps are engineered for high-voltage
operation and exhibit minimum hold-off voltages far above the requirements of
the proposed actuator drive. For example, the T-508 series from LL3Harris operates
in the 30-120kV range, while the T-508 A/AX versions are rated for 60—200kV.
Such voltage levels require large interelectrode spacing and correspondingly bulky
mechanical structures, resulting in parasitic inductances on the order of 150 nH.
Devices from the HOFSTRA Group exhibit similar constraints: the T-670 has a
minimum operating voltage of approximately 18 kV, and the SW-50K also requires
at least 10kV to trigger reliably. Likewise, the GP-32B from Excelitas specifies
minimum operating voltages around 20 kV. These intrinsically high-voltage designs
are incompatible with the compact, ultra-low-inductance, sub-kilovolt requirements
of the railgun actuator drive. In addition, most commercial triggered spark gaps
fall under dual-use export regulations, significantly complicating procurement and

limiting their feasibility for the intended single-shot application.

In contrast to triggered spark gaps, SCRs are widely available, commercially
mature, and straightforward to procure, making them attractive candidates for high-
current pulsed applications. Nevertheless, SCRs exhibit a significantly more limited
di/dt capability compared with triggered spark gaps, whose plasma channel can
sustain extremely fast current rise rates. The di/dr performance of an SCR is
governed by its semiconductor turn-on dynamics, which impose intrinsic restrictions
on how rapidly the device can transition into conduction. To understand the restrction
of this limitation, it is therefore necessary to examine the internal structure and
operating principle of the thyristor. This understanding will guide the selection of
the most suitable thyristor technology for the pulse-power stage.

Figure 3.5(a) shows the basic silicon structure of the thyristor, composed of four
alternating semiconductor layers arranged in an N*—P-N~"—P™" sequence. The N*
diffusion forms the cathode emitter, providing a high concentration of electrons
that are injected into the device once conduction begins. Adjacent to it lies the
P-base region, which contains the gate contact and regulates the triggering process

by controlling the initial carrier injection. The central N— drift region is lightly
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doped and comparatively thick; its primary function is to sustain the forward and
reverse blocking voltages by supporting the majority of the electric field when the
device is in the off-state. The P layer at the opposite end acts as the anode emitter,
supplying holes during conduction. These four layers form three internal junctions:
J1 between P and N—, J, between N~ and P, and J; between P and N™. The
corresponding circuit symbol is shown in Fig. 3.5(b). When a positive voltage is
applied from anode to cathode (vax > 0), junctions J; and J3 are forward biased
while J, remains reverse biased, placing the device in the forward-blocking state.
Conversely, when vak < 0, junctions J; and J3 become reverse biased and the device
operates in the reverse-blocking state. In this reverse-biased condition, the thyristor
cannot be turned on by the gate; gate triggering is only effective when the device is
forward biased and J; is the sole reverse-biased junction. A thyristor exhibits a much
higher forward-blocking capability than reverse-blocking capability because in the
forward direction the voltage is supported by the lightly doped, thick N drift region,
whereas in the reverse direction the blocking junction lies between heavily doped
regions, which cannot sustain large depletion widths and therefore break down at
lower voltages.

Gate
G)
I, ‘ I A
Anode N P Cathode :_
(A) (K) NG
K

(a) (b)

Fig. 3.5 Basic silicon structure of a thyristor (a) and its electrical symbol (b).

When the thyristor is forward biased, turn-on is initiated by injecting a positive
gate current into the P-base region. This gate current introduces additional holes into
the P region, raising the local hole concentration and thereby increasing the number
of electrons that can diffuse from the N* cathode emitter into the P-base. These
electrons are then attracted toward the N drift region, where the electric potential is
higher due to the applied anode-to-cathode voltage. As a result, the net charge in the

depletion region of J, is progressively neutralized, which reduces the reverse-bias
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barrier and collapses the depletion layer. The device turns on once the depletion

region of J; is fully neutralized and the junction can no longer sustain reverse bias.

Figure 3.6 shows a detailed view of the thyristor silicon structure, including
the semiconductor layers and their metallization. The gate metallization provides
a low-impedance contact to the P-base, ensuring uniform hole injection during
triggering. The cathode metallization, located above the N™ emitter regions, collects
the conduction current and distributes it across the N™ emitter islands diffused into
the P-base, improving current spreading and turn-on controllability. The anode
metallization forms a low-resistance contact to the P™ anode emitter, enabling
uniform hole injection. Cathode shorts, implemented as local connections between
the cathode metallization and the P-base, enhance dynamic robustness. During fast

anode—cathode voltage transients, the displacement current

d
i = C, =X, (3.45)

associated with the depletion capacitance of J, could otherwise inject carriers into
its depletion region and reduce its reverse bias, triggering unintended turn-on. The

cathode shorts divert this transient current under high dv/dr conditions.

Gate Metallization Cathode Shorts
Cathode Metallization
- DO
P-Base Region
1
N-Drift Region
1y

Anode Metallization

Fig. 3.6 Detailed view of the thyristor silicon structure.



50 The Electric Drive

Once the turn-on dynamics and internal structure of the thyristor are understood,
the origin of the di/dr limitation becomes evident. At the start of triggering, hole
injection from the gate into the P-base is highly localized and requires time to spread
laterally across the emitter area. During this interval, only regions with sufficient
hole concentration can sustain electron injection from the N emitter, so conduction
initiates in narrow localized zones. If the external circuit imposes a steep current rise,
these zones experience excessive current density, leading to current crowding, local
heating, and potentially device failure. This transient non-uniformity fundamentally
limits the allowable turn-on di/df. Optimizing the gate metallization improves
hole-spreading uniformity and enhances the achievable turn-on di/dz. Figure 3.7

illustrates representative gate-layout geometries [63, 64].

©

Fig. 3.7 Examples of gate metallization layouts used in high-performance thyristors: (a)
spoke-type gate structure, (b) involute gate geometry, and (c) distributed-gate design.
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Among these alternatives, the distributed-gate configuration offers the highest
achievable di/dr capability, as its extended gate periphery ensures the most uniform

hole injection and the fastest lateral current spreading across the emitter area.

In addition to the internal device structure, the di/d¢ capability of a thyristor
depends critically on the design of the gate-drive circuit. A rapid and spatially
uniform turn-on requires both a sufficiently high gate-trigger current amplitude and
a steep gate-current rise rate, ensuring strong and fast hole injection into the P-base
region. If the gate drive is too weak or slow, the turn-on remains localized for a
longer duration, reducing the effective di/dr capability and increasing the risk of
current crowding. To guarantee a robust triggering process, the gate-drive topology
shown in Fig. 3.8 has been implemented, providing a high-current, fast-rising gate

pulse optimized for pulse-power operation.

Gate |
Driver -k -1

« K

Fig. 3.8 Gate-drive circuit designed to provide high di/dr gate current during the thyristor
turn-on.

In the gate-drive circuit of Fig. 3.8, capacitor C; is a high-value electrolytic
capacitor whose purpose is to maintain a stiff DC voltage at the gate-driver output,
ensuring that the gate circuit does not sag during the high-current pulse. Capacitor
C, is a small ceramic capacitor placed in parallel with Cy; its low ESR and low
ESL allow it to supply the fast high-frequency component of the gate current during
the initial turn-on transient. Capacitor C3 is connected in parallel with the gate
resistor Rg and provides a low-impedance path during the rising edge of the gate
current pulse, effectively bypassing Rg so that a high di/dr can be delivered to the
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gate. Once the transient is completed, C3 charges, the bypass effect vanishes, and
Rg determines the steady-state gate current, thereby protecting the gate driver IC.
The selected parameters of the proposed gate-driver network are summarized in
Table 3.2.

Table 3.2 Gate-driver component parameters for the proposed gate-driver circuit.

Parameter Value

C 470 uF
Cy 22 uF
G 22 uF
Rg 3.3Q

In addition to the selection of the passive components, the stray inductance of the
gate loop must be minimized, as any parasitic inductance reduces the effective di/dt
delivered to the gate and can significantly slow down the triggering process. This
requires short, low-inductance routing between the driver, the gate terminals, and
the associated capacitors. Moreover, maximizing the gate-drive voltage is essential
to increase the initial gate-current surge and improve turn-on uniformity. In the
present design, a gate-drive voltage of 50V is used, corresponding to the maximum
allowable output of the 1ED3124MU12FXUMALI gate-driver, ensuring the strongest
possible gate excitation without exceeding the device’s absolute ratings.

Based on the di/dr requirements of the pulse-power stage, a distributed-gate
thyristor is selected. Devices employing this technology offer the highest turn-on
di/dt capability among commercially available thyristors. In particular, the IXYS
UK Westcode R5370EA22J satisfies the demand of the proposed actuator drive in
terms of surch current, while providing exceptional di/d¢ performance. Table 3.3
summarizes the main characteristics of the selected device.

Table 3.3 Main electrical characteristics of the selected distributed-gate thyristor (IXYS UK
Westcode R5370EA22]J).

Parameter Value

Maximum blocking voltage 1800V
Peak surge current (1 ms pulse) 200 kA
Maximum di/dz 1000 A /us
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IGCTs represent an evolution of conventional thyristors and offer even superior
turn-on performance. An IGCT consists of a high-power thyristor monolithically
integrated with an ultra-low-inductance gate unit capable of delivering very high
gate-current amplitudes with extremely steep rise rates. During turn-on, the IGCT’s
gate drive floods the entire P-base with a nearly uniform and instantaneous carrier in-
jection, forcing the device rapidly into a highly conductive, transistor-like state with
minimal current filamentation. This results in exceptionally high permissible di/dz
values and very low on-state voltage compared with standard or even distributed-gate
thyristors. Despite these advantages, IGCT technology is not adopted in the present
design. IGCTs require dedicated, high-performance gate units, have significantly
higher device and driver costs, and are generally targeted at medium-voltage in-
dustrial applications. Incorporating such technology would substantially increase
the complexity and cost of the actuator drive, rendering the overall system far less
attractive for the intended application.

As shown in Section 3.1.2, the pulse-power stage exhibits an underdamped
current response. In the absence of additional circuitry, the current through the
thyristor would naturally reverse during the first oscillation cycle. Since a thyristor
is a unidirectional device and cannot conduct negative current, such a reversal would
force the device into reverse conduction and inevitably cause device failure. To
prevent this, a freewheeling diode is connected across the capacitor bank. When the
capacitor voltage reaches the negative value at which the diode becomes forward
biased, the diode conducts and provides an alternative low-impedance path for the

current, ensuring that the current through the thyristor remains strictly positive.

For the present application, a standard high-power rectifier diode is sufficient.
The W108CED220 rectifier has therefore been selected; it provides a surge-current
capability exceeding 200 kA for a 1 ms pulse and a blocking-voltage rating of 2200 V,
comfortably meeting the requirements of the pulse-power drive.

3.1.3 Components Layout

A proper design of the pulse-power stage requires a clear understanding of how the
parasitic elements introduced by the physical layout influence the dynamic behaviour
of the railgun actuator. The impact of these parasitics is particularly significant

because the circuit operates in two distinct stages:an initial phase, illustrated in
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Fig. 3.9(a), during which the diode is reverse biased and the current flows exclu-
sively through the thyristor and the railgun; followed by a second phase, shown in
Fig. 3.9(b), in which the diode becomes forward biased and provides the freewheeling

path for the current.

Lstray7 1 Rstray, 1 Lstray72 Rstray72
Y'Y Y
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Lstray, 1 Rstray7 1 Lstray 2 Rstray72

It T
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Fig. 3.9 Lumped-parameter model of the pulse-power drive: (a) diode reverse-biased during
the initial current rise, and (b) diode forward-biased during the freewheeling phase.

During conduction, both the diode and the thyristor are represented using their
standard piecewise—linear on-state models, consisting of a constant threshold voltage
in series with a dynamic (slope) resistance. The forward voltage of the diode is
expressed as

vk = V10,0 +IFItD, (3.46)

where vg is the diode forward voltage, Vo p is the threshold voltage, iF is the forward
current, and r p is the diode slope resistance. Similarly, the thyristor on-state voltage
is modelled as

vr = Vo1 +iTIY T, (3.47)
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where vt denotes the on-state voltage of the thyristor, Vo T is the threshold voltage,

i is the on-state current, and r T is the corresponding slope resistance.

It is important to emphasise that the parameters r, t and r p represent the steady-
state slope resistances of the thyristor and diode, respectively. During the first
microseconds of conduction, however, both devices exhibit significantly higher
transient on-state resistances due to incomplete carrier injection. For the selected
components, the diode exhibits a steady-state resistance of 39 uQ, while the thyristor
reaches 71 u€2; yet in the transient regime these values can temporarily rise to
approximately 1-2 m€. This elevated resistance persists for roughly 10-20 ps in
the thyristor and for less than 10pus in the diode. Such transient behaviour has
a pronounced impact on the resulting current waveform: it limits the achievable
peak current during the initial rising interval and accelerates the current decay at
the beginning of the freewheeling phase, thereby affecting both the delivered pulse
energy and the overall performance of the drive.

When the diode is reverse biased, as shown in Fig. 3.9(a), the current path
is confined to the capacitor bank, the stray elements, the thyristor, and the load
inductance. In this interval, the parasitic elements Lgyay,1, Rstray,15 Lstray,2, and
Rstray,2 play a decisive role in shaping the current pulse. Their combined impedance
limits both the peak current that the drive can deliver and the current rise time,
directly affecting the acceleration capability of the railgun actuator. Minimising
these parasitics is therefore essential, as any additional inductance slows the current
transient and any added resistance reduces the effective energy transferred to the
load.

Once the diode becomes forward biased, the operating condition transitions to
the configuration shown in Fig. 3.9(b), where two distinct current loops are formed.
The first loop, ij, corresponds to the LCR path that includes the capacitor bank.
At the instant the diode conducts, the capacitor voltage has nearly collapsed to
zero, so the energy stored in this loop is almost entirely magnetic. The magnetic
energy associated with L,y 1 is dissipated in the diode and in Rgr,y,1, with none
contributing to railgun acceleration. The second loop, i, is an LR path including
Lstray,2 and the load. Although the magnetic field of Lg,y > does not generate force
in the armature, part of its stored energy is ultimately transferred to the railgun. In
this chapter, the load is represented solely by an inductance because the drive output

is short-circuited for characterization purposes.
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Since the reduction of Lg,y,1 is a primary design objective, several alternative
configurations of the capacitor bank have been constructed and experimentally char-
acterised. Figure 3.10 presents the three configurations considered—comprising four

capacitors in parallel, two capacitors in parallel, and a single-capacitor arrangement.

) e

&
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Fig. 3.10 Different capacitor-bank drive configurations evaluated for stray-inductance reduc-
tion: (a) 1-capacitor drive isometric view, (b) 1-capacitor drive side view, (c) 2-capacitor
drive isometric view, (d) 2-capacitor drive side view, (e) 4-capacitor drive isometric view,
and (f) 4-capacitor drive side view.
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Lstray,1 arises from two main contributors: the ESL of the capacitors and the
inductance of the current path from the capacitors to the freewheeling diode, denoted
Lcp. The ESL component decreases when multiple capacitors are placed in parallel,
since the effective inductance scales inversely with their number. Lcp is minimized
by placing the capacitors as close as possible to the diode and by reducing the spacing
between the positive and negative current-carrying plates. In the prototype, a 0.2 mm
FR4 spacer tightly couples these plates, enhancing magnetic-field cancellation and
lowering the loop inductance. However, a trade-off must be found: adding capacitors
reduces ESL but forces some units farther from the diode, increasing Lcp. The
optimal layout therefore balances these competing effects.

To characterize the influence of the different capacitor-bank layouts on the
overall loop inductance, the Bode 100 impedance analyzer is used in shunt—thru
configuration. Prior to the measurements, a complete open/short/load calibration is
performed to ensure accurate low-impedance characterization. Direct measurement
of Lgtray,1 alone is impractical because it would require placing the probe terminals
precisely at the diode’s electrical center, which is not feasible with the available
mechanical access. However, Lgay 2>—the inductance between the diode and the
output terminals—remains constant across all configurations because the physical
distance and geometry of this segment are unchanged. Therefore, by measuring
the total stray inductance seen from the drive terminals, variations in Lg,y,1 across

different layouts can be inferred. The measurement setup is shown in Fig. 3.11.

Fig. 3.11 Measurement setup for the electrical drive parasitics characterization.
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A practical difficulty arises because the Bode 100 applies a small AC excitation.
If this excitation forward-biases the freewheeling diode during either half-cycle,
the measurement of the impedance becomes distorted. as the diode transitions into
conduction and its nonlinear dynamic resistance masks the true inductive behavior.
To prevent this, insulating paper was placed between the copper plates and both
the diode anode and cathode, ensuring that the diode remains isolated from the
circuit. This guarantees that the AC excitation flows only through the passive stray

inductances and resistances of the layout.

Additionally, the thyristor must behave as a short circuit during the measurement
so that the analyzer senses the complete current path. Since the real device cannot be
kept continuously forward-biased under AC excitation, it was replaced during testing
by a solid aluminum cylinder machined to match the dimensions of the thyristor
package. This provides a stable, low-impedance conduction path that emulates the

thyristor’s on-state behavior for the purpose of inductance extraction.

Figure 3.12 presents the results obtained from the impedance characterization
of the different drive configurations. For reference, a single capacitor has also been
measured directly at its terminals to verify the consistency of the extracted parasitics
with the manufacturer’s specifications. This provides a baseline for assessing how the
layout and the number of capacitors affect the overall stray inductance and resistance
of the drive.

The total stray inductance Lgay can be estimated from the impedance magnitude
|Z| in the frequency range f where the phase approaches 90°, that is, where the

inductive behaviour dominates. In this region, the inductive reactance satisfies

4

Lstray ~ 27'L'f. (3.48)

Similarly, the capacitance can be obtained from the frequency region where the
impedance phase approaches —90°, corresponding to capacitive dominance. In that

region,
1

C~ ——. 3.49
27 f1Z] G4

The stray resistance Rgyay 1s evaluated at the resonance frequency fo, where the
reactive components cancel and the impedance becomes purely resistive. Thus,

Rstray ~ |Z|. (3.50)
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Fig. 3.12 Impedance magnitude and phase of the electric-drive parasitics for four configu-
rations: single capacitor (terminal measurement), 1-capacitor drive, 2-capacitor drive, and
4-capacitor drive. Subfigure (a) shows the impedance magnitude, while subfigure (b) presents
the impedance phase.
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The characterization of the single capacitor provides a useful reference point to
validate the measurement methodology. The extracted stray resistance is 1.18 mQ,
which agrees closely with the 1.2 m€ value reported in the manufacturer’s datasheet.
The measured equivalent series inductance is 42.11 nH, also consistent with the
specified 40 nH. The capacitance obtained from the low-frequency region of the
impedance magnitude is 441.81 pF, slightly lower than the nominal 460 pF, but
still within a reasonable tolerance for metallized polypropylene capacitors. Overall,
the measured parameters exhibit very good agreement with the datasheet values,

confirming the reliability of the experimental setup and extraction procedure.

Table 3.4 summarises the extracted values of Lgyay, C, and Ry for the 1-, 2-,

and 4-capacitor drive configurations.

Table 3.4 Extracted parasitic parameters for the different capacitor-bank configurations.

ConﬁguratiOn C Lstray Rstray

[LF] [nH]  [mQ]
1-cap drive 444,03 106.67 1.18
2-cap drive 889.93 87.72  0.60

4-cap drive 1780.26 108.62 0.49

The characterization results show that the 2-capacitor configuration yields the
lowest total stray inductance. When moving from one to two capacitors, the reduction
in equivalent ESL more than compensates for the increase in current-path inductance
Lcp, producing a net decrease in Lgyay. In contrast, when increasing from two
to four capacitors, the additional ESL reduction is too small to offset the larger
Lcp caused by the greater spacing between devices, and the total stray inductance
rises again. The results also indicate that the stray resistance is dominated by the
capacitors’ intrinsic ESR, since Ryyay remains approximately equal to ESR/N,, for

all configurations, where N, is the number of parallel capacitors.

3.1.4 Design of the Charging Unit

Critical applications such as circuit breakers demand a high degree of robustness and
must not rely on the external grid for their operation. Before the pulse-power stage
can function, the DC link of the electric drive must be charged to its nominal voltage.
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For this purpose, an auxiliary power supply (APS) is required. In safety-critical
systems, the APS typically draws energy from a dedicated auxiliary battery and
provides a controlled charging path for the capacitor bank, thereby ensuring full
operational autonomy and guaranteeing that the breaker can operate reliably even in
the complete absence of external power.

The capacitor bank must be charged to 1500 V, whereas the auxiliary battery
provides only 48 V. Consequently, the APS must achieve a very high conversion ratio
to bridge this substantial voltage difference and reliably energize the DC link. As
discussed in [65], the conversion techniques capable of providing the highest step-up
gain include voltage multipliers, switched-inductor structures, and magnetically
coupled converters such as forward and flyback topologies. Among these, the
flyback converter represents the simplest and most cost-effective solution, requiring
only a minimal component count while still enabling very large boost ratios through
appropriate transformer design and careful magnetic optimization for enhanced
reliability.

Figure 3.13 shows the schematic of the flyback converter used as the auxiliary
power supply. In the proposed design, the converter operates in quasi-resonant (QR)
mode to minimize switching losses by turning on the MOSFET at or near the valley
of the drain—source voltage, thereby achieving zero-voltage switching (ZVS) or
near-ZVS.

During the MOSFET on-time, the secondary diodes (D; and D;) are reverse
biased, and the transformer magnetizing inductance Ly, is linearly energized. The
primary side current i; increases according to

. Vin
=—t 3.51
=Tt (3.51)
where Vi, is the input voltage supplied by the auxiliary battery. The peak current i,
can be expressed as
. Vi
lip= L_Il:tom (3.52)
where 7., denotes the MOSFET turn-on time. The stored magnetic energy Ey, in the

magnetic core
1.
Em = Lmii, (3.53)

is later transferred to the secondary once the MOSFET turns off.
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The voltages across Dy and D,, denoted vp; and vp,, are given by

VD1 + VD2 = Vout + E—Tvin, (3.54)
where vqy is the output voltage, N is the number of primary turns, and Ny is the
number of secondary turns. In this specific case, both the turns ratio and the output
voltage are very high, which results in a reverse voltage that exceeds the blocking
capability of a single diode. For this reason, two diodes are connected in series so
that the reverse voltage is shared between them, thereby ensuring reliable operation
without the need for a single ultra—high-voltage rectifier. In addition, a balancing
network is connected in parallel to each diode to guarantee equal voltage sharing

during operation.

When the MOSFET is turned off, the voltage in the secondary winding reverses
and diodes D and D, become forward biased. The MOSFET drain—source voltage
vps then rises to

V5 = Vin Vo (3.55)
However, the presence of the transformer leakage inductance Ly, the MOSFET
output capacitance Cogs, and the capacitor Cp connected across the primary winding
prevents this transition from being abrupt. Instead, Lix resonates with both Cyg and

Cp, forming a transient resonant network:

1
2 \/le (Coss + CD) ’

(3.56)

fo,t0f =

where fo (off denotes the natural resonant frequency of the leakage inductance—

capacitance network that arises when the MOSFET is turned off.

An advantage of adding the capacitor Cp is reducing the turn-off resonance peak,

thereby protecting the device. The peak drain—source voltage vps) is given by:

Nj Lix

=V +— ] —_—.
VDSp in T Vout + L1p (Coss T CD)

N (3.57)

However, the capacitor Cp alone is not sufficient to absorb all the energy stored
in L. Therefore, an RCD snubber, is required to safely dissipate this energy and
further limit voltage stress on the MOSFET.
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Besides limiting the resonance peak, the capacitor Cp also helps to reduce
turn-off losses. By slowing down the rise of the drain—source voltage during the
switching transition, the overlap between voltage and current is reduced. As a result,
the instantaneous switching power is lower, and the overall switching losses decrease.

The rise of the drain—source voltage can be expressed as

= 3.58
dt COSS + CD ( )

Figure 3.14 shows the typical drain—source voltage waveform during the turn-off
of the MOSFET, highlighting the resonant oscillation caused by Ly, Cosg, and Cp as

well as the moderated voltage rise due to Cp.

Voltage

Time

Fig. 3.14 Typical drain—source voltage waveform during MOSFET turn-off, showing the
resonant behaviour and moderated rise due to Cp.

During the secondary conduction interval, the secondary side i» current decreases

linearly as the stored energy is transferred to the output:

N; Vout
2 = ZPN——#I. (359)
L -
" (N1>

Once the magnetizing current falls to zero, the core is fully demagnetized and

D and D, turn off. At this instant, the converter enters a second resonant phase
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determined by L, Cygs, and Cp, with a resonant frequency

1
fo,am = :

(3.60)

where fy 4m denotes the natural frequency of the resonance associated with the
magnetizing inductance and the capacitance network that arises once the magnetic
core is fully demagnetized. In this state, the drain node oscillates freely around the
input voltage, producing a sequence of voltage valleys. The minimum value of the
oscillation vy,jey 1s expressed as
N
Vv = Vinh — Vout — - 3.61
valley in out N, ( )
To guarantee true zero-voltage switching, the valley of the drain—source voltage must
be sufficiently deep at the instant the MOSFET is turned on. This requires fulfilling
the following condition:
N;
vOut e >: Vin- (3.62)
N>
Figure 3.15 shows the typical drain—source voltage waveform observed once the
magnetic core has been fully demagnetized, illustrating the free-running resonance
that generates the characteristic sequence of voltage valleys exploited for quasi-

resonant turn-on.

N;
Vin + Vout N, MOSFET turns on

Voltage

Time

Fig. 3.15 Typical drain—source voltage waveform observed after complete core demagnetiza-
tion, showing the free-running resonance and the sequence of voltage valleys exploited for
quasi-resonant turn-on.
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At the beginning of the charging process, the reflected voltage is very low, and
as a consequence the MOSFET cannot achieve zero-voltage switching. Under these
conditions, the drain—source voltage does not fall sufficiently before turn-on, and the
energy stored in Cp and Cg; 1s fully dissipated in the MOSFET channel during each
switching transition. This loss mechanism is quantified by

1

Eofs = >

(CD + Coss) V%alley’ (3.63)

Therefore, a larger Cp directly increases switching losses in the early charging phase,
negatively impacting efficiency until the reflected voltage becomes sufficiently high
to enable ZVS operation. At the same time, Cp also helps to reduce turn-off losses
by softening the drain—source voltage slope during the MOSFET turn-off. Thus, Cp
has a dual and opposing influence on efficiency, and the optimal value is identified

experimentally following the methodology presented in [66].

The zero—current detection (ZCD) required for quasi-resonant control is obtained
using the auxiliary winding included in the transformer structure, as shown in
Fig. 3.13. This winding provides a scaled replica of the voltage ringing that the
controller can reliably detect. By monitoring this auxiliary signal, the controller
identifies the instant at which the core is fully demagnetized and schedules the next
MOSFET turn-on at the subsequent drain—source voltage valley, thereby enabling

valley switching and ensuring high-efficiency quasi-resonant operation.

Once the operating principle of the quasi-resonant flyback has been established,
the design process begins by specifying the maximum allowable primary peak
current. This current limit is directly related to the maximum input power P max,
which is obtained from the desired maximum output power Poytmax and the assumed
converter efficiency 7. For the present design, the target output power is 40 W and

an efficiency of 90 % is assumed:

P,
Pin,max = out,max’ (364)
n
) I1p,max D
Pin,max = Vi 1], avg,max — Vin w~ (3.65)

Here, i1 avgmax 18 the maximum cycle-average primary current, i1p max 18 the max-
imum admissible peak current, and Dy, 1s the maximum duty cycle, set to 0.6

to prevent excessively short off-times that could overstress the MOSFET. Combin-
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ing (3.64) and (3.65) yields

2P, out,max

=3.09A. 3.66
Vianaxn ( )

ilp,max =

Now that the maximum admissible primary peak current has been defined, the
magnetizing inductance L, of the flyback transformer can be determined from the
linear current ramp during the MOSFET on-time. Using the relation

Vi Vin D
Ly = ——fon = —— —% —93 3] uH, (3.67)

l1p,max 11p,max fs,max

the required magnetizing inductance is obtained for the chosen design parameters.
According to the design guidelines provided in the STMicroelectronics Application
Note AN1326 [67], quasi-resonant flyback converters of this class typically operate
with a nominal switching-frequency range of 70-110kHz. In the present design, a
maximum switching frequency fs max of 100kHz is selected, lying near the centre
of the recommended interval and providing a suitable compromise between the

transformer size, the efficiency, and the switching losses.

Once the magnetizing inductance and the maximum primary peak current are
defined, the next step is to choose a suitable magnetic core. After an iterative
evaluation of different core geometries and materials, the TDK/EPCOS ferrite core
B66311G0170X187 (material N87) is selected. Using the manufacturer-specified

inductance factor Ay, the required number of primary turns is obtained from

L
N;=4/-2 =25.86~26. (3.68)
A

With the selected number of turns, the peak magnetic flux @, is
DPpax = ——— = 11.19uWb, (3.69)

and the corresponding peak flux density Bpyax follows as

(I)max
Ae

=349mT, (3.70)

Bmax =

where A. is the effective area of the magnetic core. The resulting flux density

remains well below the saturation limit of the N87 material at the operating frequency
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(approximately 490 mT at 25 °C), thereby confirming the suitability of the selected

core.

The number of secondary turns N> is chosen to ensure that the quasi-resonant
flyback operates under zero-voltage switching during most of the charging interval.
To satisfy the condition established in (3.62), the transformer is designed such
that ZVS is already achieved once the output voltage exceeds 350 V. In this way,
ZVS is available throughout the major portion of the charge cycle, significantly
reducing MOSFET turn-on losses and improving the overall efficiency. Enforcing
this requirement with the selected primary turns (N; = 26), the number of secondary
turns is set to Ny = 200.

According to (3.55), the maximum steady-state drain—source voltage expected
during the MOSFET Q turn-off transition is approximately 243 V. However, the
leakage-inductance resonance that occurs at turn-off can generate significantly higher
transient voltage peaks, which must be safely absorbed by the semiconductor switch
and the RCD snubber circuit. For this reason, the Infineon IPN60R600P7SATMA1
MOSFET is selected. This device provides a 600 V voltage rating and a continuous
drain current capability of 6 A, ensuring ample margin under all operating conditions.
According to the manufacturer’s recommendations, the same gate resistor Rg value
should be used for both turn-on and turn-off operation. The datasheet specifies a
value of 10 £, and this value is therefore adopted for the present design. Although a
MOSFET with lower ratings could theoretically suffice, component cost optimisation
of the charging unit is not a design objective in this research work, and the selected

device offers robust performance and reliable operation.

The design of the RCD snubber follows a systematic procedure to ensure that
the leakage-inductance energy is safely dissipated while limiting the drain—source
voltage overshoot during the MOSFET turn-off transition. The maximum energy
stored in the transformer leakage inductance Ej jx max at the moment of the turn-off
is first estimated as

1.
ELik,max = ELH‘ l%p,max =8.98ul. 3.71)

For flyback transformers with tightly coupled windings, the leakage inductance
typically lies in the range of 1-3 % of the magnetizing inductance. In this design, a

leakage inductance of Ljx = 0.02L, is assumed, corresponding to Ljx = 1.89 uH for
Ly =94.30uH.
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When the drain—source voltage exceeds the clamp level vcjamp, the snubber diode
D¢, becomes forward biased and diverts the leakage-inductance current into the RCD

network. The clamp voltage is defined by
Velamp = Vin + vesn, (3.72)

where vcgy 18 the voltage across the snubber capacitor Cgy,. It is important to note that
Vcsn 18 not constant: at the beginning of the charging process, vcg, = 0, and during
each switching cycle it increases as leakage energy is redirected into the snubber

until stabilising at its steady-state maximum value vcgn max-

In this design, the maximum clamp voltage is set t0 Vcjamp,max = 500V, which
corresponds to a maximum snubber-capacitor voltage of vcgn max = 257 V. Following
the methodology of Fairchild Application Note AN4147 [68], the snubber resistance

R, is dimensioned as

N;
2 VCsn,max (VCsn,maX - N_ Vougmax)
Ry = —mmax _ 2 — 17.7kQ ~ 18kQ, (3.73)
Pin Ele,maX fs,max

where Vot max 18 the maximum output voltage.

Once Ry, is fixed, the snubber capacitance Cg, is obtained from the allowable
ripple of the snubber voltage. According to [68], the ripple is

VCsn

5 7 (3.74)
RSH CSH fS

Avesn =

and in this design it is limited to 5 % of vcgn max- Solving (3.74) for Cg, yields

V(Csn,max
Cyy=———-=11.1nF~11nF. (3.75)
" AV R f

The snubber diode must combine fast switching behaviour with a sufficient
reverse-voltage rating to operate safely at the selected clamp level. For this reason,
a fast-recovery or ultrafast diode with a blocking-voltage rating equal to or greater
than that of the MOSFET is required. The AES2JF-HF device from Comchip
Technology is selected, providing a repetitive peak reverse voltage of 600V, a
continuous forward-current rating of 2 A, and a peak forward current of 50 A, which
is sufficient to accommodate the short leakage-energy pulses in the snubber branch.
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Furthermore, as a Schottky device, it exhibits negligible reverse-recovery current,
thereby avoiding additional stress on the MOSFET and reducing switching losses in
the RCD clamp.

According to (3.54), the maximum reverse voltage across the series-connected
secondary rectifier diodes is approximately 1.9 kV under nominal operating condi-
tions. To provide sufficient margin for switching-induced ringing, two STTH112U
ultrafast diodes from STMicroelectronics are connected in series. Each device fea-
tures a repetitive peak reverse-voltage rating of 1200 V, resulting in a combined
blocking capability of 2400 V, which comfortably exceeds the estimated 1900 V
requirement. The continuous forward-current rating of each diode is 2 A, which is

adequate given that the peak secondary current iy, satisfies
N
i2p = ilp N—l — 0.4mA. (3.76)
2

This ensures that both the voltage- and current-stress specifications of the secondary
diodes are safely met.

To ensure proper static and dynamic voltage sharing between the series-connected
rectifier diodes, a balancing network is typically required. Static voltage sharing is
achieved by connecting the balancing resistors Ry, and Ry, in parallel with each
diode. For a string of Ng identical devices with repetitive peak reverse voltage
VrrM, blocking a maximum total reverse voltage vy, the balancing resistor can be
dimensioned according to the STMicroelectronics Application Note AN443 [69]

Ns VRrM —
S YRRM ™M _ 14MQ (3.77)

Ry =Rp < —————
b1 = Rp2 (Ns— DI

where IR is the maximum reverse leakage current of a single diode at Vrry and the
specified junction temperature. In this design, the total reverse voltage is vy = 1900 V
and the selected diode exhibits a worst-case leakage current of Ix = SOpA. These
values ensure that the resistor current dominates the leakage-current dispersion,

thereby equalising the DC voltage distribution across the series string.

In contrast, dynamic voltage sharing normally requires additional capacitors in
parallel with each diode to compensate for reverse-recovery mismatches. However,
in the present flyback converter operating in quasi-resonant mode, the secondary

current decays smoothly to zero over several microseconds, and the peak secondary
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current is relatively low. Consequently, the current slew rate di/d¢ at turn-off is
very small, the associated reverse-recovery charge is negligible, and both diodes
effectively cease conduction at nearly the same instant. Under these soft-switching
conditions, dynamic voltage imbalance is minimal and no additional balancing
capacitors are required; only the resistive network is sufficient to ensure adequate
voltage sharing.

The control of the flyback converter is implemented using the L6565D quasi-
resonant controller from STMicroelectronics, which integrates both the control logic
and the MOSFET gate driver. The device drives the primary switch Q through the GD
pin and regulates the operation of the converter by monitoring the primary current
via the current-sense pin CS and the output voltage through the feedback pin FB. In
addition, the controller features a feedforward input that measures the input voltage
and automatically adjusts the maximum peak current as a function of the mains
level, thereby improving line regulation and ensuring safe operation across the input
range. The device also includes a zero-crossing detection ZCD pin, which, using
the voltage information from the ZCD winding, detects the drain—source voltage
valleys following the transformer demagnetisation interval. This allows the controller
to initiate each turn-on at the valley point, ensuring quasi-resonant operation and

significantly reducing the switching losses of the primary MOSFET.

The L6565D monitors the primary current through the voltage developed across
the sense resistor Rgepse. If the voltage at the CS pin exceeds the internal threshold
ves,ih (0.74 V), the controller immediately turns off the MOSFET to prevent the
primary current from rising further. The sense resistor is therefore dimensioned
according to
VCS,th

Rsense — -
11p,max

=0.24mQ ~ 0.25mQ. (3.78)

The auxiliary winding dedicated to zero-current detection generates the voltage
applied to the ZCD pin, which is internally clamped between 5.2V and 0.65 V. Let
Nzcp denote the number of turns of this winding. When the MOSFET is on, the

auxiliary voltage is proportional to the input voltage and given by

Nzcp

VZCD,on = —Vin N—l (3.79)
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Conversely, during the MOSFET off-time, the polarity reverses and the auxiliary
voltage reflects the output voltage as
Nzcp

VZCD,off = Vout N—2 (3.80)

Selecting Nzcp = 4 results in a reflected voltage of approximately 7 V during the
on-time and about —30V during the off-time. Since both values exceed the ZCD
pin clamp levels, a series resistor Rzcp is required to limit the current flowing into
the internal clamping network. Design guidelines recommend choosing Rzcp in the
range of 100—150kQ [67]. In this work, a value of Rzcp = 150k€ is adopted to

ensure safe pin-current levels while maintaining reliable zero-crossing detection.

The voltage-feedback circuitry requires a local supply rail, which is obtained
from the non-regulated auxiliary output of the flyback transformer. This auxiliary
supply is designed to provide approximately 15V when voy = 1500V. Let Nayx
denote the number of turns in the auxiliary winding. Since the auxiliary voltage is

proportional to the output voltage, the turns ratio is selected according to

\%
Naux = ogrznax’ (381)

ensuring that the auxiliary winding delivers the required 15V when the output

voltage reaches its maximum value.

With the values of Ny, Nj, Nzcp, Naux and the magnetic core defined, the

complete transformer structure is fully specified (see Fig. 3.16).

Fig. 3.16 Prototype of the designed flyback transformer.
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The auxiliary winding is rectified by a Schottky diode SK34SMA from Diotec
Semiconductor, featuring a reverse-voltage rating of 40 V and a continuous forward-
current capability of 3 A. The rectified auxiliary voltage is filtered by a 47 uF, 35V
electrolytic capacitor.

The detailed design of the feedback and voltage-regulation circuitry is beyond
the scope of this work; instead, the implementation recommended in the STMicro-
electronics Application Note AN1326 has been adopted as a reference design [67].

The auxiliary battery cannot deliver the high-frequency current demanded by the
flyback converter, particularly during the rapid switching transitions of the primary
MOSFET. To maintain a stable input voltage under these dynamic conditions, a
bulk decoupling capacitor Ci,; of 47 uF (electrolytic) is placed across the input
terminals to support the low-frequency energy requirement. In addition, a 22 uF
ceramic capacitor Cjy, is connected in parallel to provide the high-frequency current
components associated with the switching action. The combination of Cj,; and Cjj»
ensures a low-impedance input path over the entire frequency range, preventing

voltage droop and reducing electromagnetic interference.

The complete prototype of the capacitor-charging unit, integrating the quasi-
resonant flyback converter, and control circuitry, is shown in Fig. 3.17. This imple-
mentation reflects the final design described in this chapter and has been used for the
experimental validation.

Fig. 3.17 Prototype of the complete capacitor-charging unit implementing the quasi-resonant
flyback converter and associated control circuitry.
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3.2 Experimental Validation

This chapter presents the experimental validation of the proposed system. First, the
charging unit is verified using a dummy capacitor bank composed of four 680 uF
capacitors connected in series, resulting in an effective capacitance of approximately
170 yF. Then, the complete electric drive is experimentally evaluated to confirm its
overall behavior and its consistency with the design specifications. All measurements

have been acquired using a Tektronix DPO 7104C oscilloscope.

The only design parameter that remains undefined is the primary-side damp-
ing/snubber capacitor Cp, whose value is determined experimentally. This capacitor
modifies the drain—source voltage transient of the MOSFET during turn-off by
adding capacitive current and reducing the slope dv/dr. As a result, the device
experiences lower turn-off losses, since the overlap between voltage and current
during the switching transition is reduced. However, this beneficial effect comes at
the cost of an increased energy that must be discharged from Cp at each turn-on. If
ZVS is achieved, the stored energy in Cp is mostly recovered through the resonant
transition, and the turn-on losses remain low. Conversely, if ZVS is not consistently
maintained, the MOSFET turns on with a residual drain—source voltage, forcing the
device to dissipate the energy stored in Cp at every switching cycle. In this case,

increasing Cp significantly raises the turn-on losses.

Therefore, Cp introduces a trade-off between reduced turn-off losses and po-
tentially increased turn-on losses. The optimal Cp is selected experimentally by
evaluating the overall charging efficiency of the converter:

E
n = =21 100, (3.82)

in,1

where Ej, ; is the total input energy delivered to the converter during the interval

[to, 11], and Eout,1 1s the final energy stored in the load capacitor.
The input energy is computed as
1

Ein,l = Viniin dt; (3.33)

Iy
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and the output energy is obtained from the capacitor voltage at the end of the charge:

1
Eout,l = E Cout Vgum ; (3.84)

where voy,1 1s the output capacitor voltage measured at the end of the charging
interval ;.

The input voltage is measured using the Tektronix TA042 differential probe, the
input current with the Tektronix TCPO150 current probe, and the output voltage with
the Pico TAO44 differential probe.

Figure 3.18 [66] shows the obtained efficiency results. It can be observed that
increasing Cp initially improves the charging efficiency, as the reduction of turn-off
losses dominates. The peak efficiency of 91.4 % is achieved with Cp = 680pF.
Beyond this value, the efficiency decreases because the additional turn-on losses

outweigh the reduction of turn-off losses.
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Fig. 3.18 Measured charging efficiency as a function of the primary-side damping/snubber
capacitor Cp.

Figure 3.19 shows the voltage charging profile of the capacitor bank. The bank is
charged to approximately 1.5kV in about 7 s, with a final measured value of 1470 V.
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This deviation corresponds to an error of only 2 % and is attributed to the tolerance of
the resistor divider used in the feedback circuit to sense the output voltage. Since the
control loop relies on the scaled measurement provided by this divider, any mismatch
in the resistor values directly results in a proportional error in the estimated output

voltage.
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Fig. 3.19 Measured charging voltage profile of the capacitor bank.

Figure 3.2 shows the primary-side current at vy, = 750V. The current is not
measured directly; instead, the voltage across the sense resistor Reepse 1S acquired
using the Rohde & Schwarz RT-ZDO0?2 differential probe. The instantaneous current
is then obtained by dividing the measured voltage by the known value of the sense
resistor. As expected, the primary current increases linearly, reaching a peak value
of approximately 2.95 A, which corresponds to the maximum current defined in the
design stage. The linearity of this current ramp confirms that the magnetic core

remains unsaturated throughout the conduction interval.

In addition, when the MOSFET is turned off, a small negative spike appears in
the measured current waveform. This behaviour originates from the topology of the
gate-drive circuit. Since the gate driver is not isolated, it applies the gate voltage
with respect to ground rather than with respect to the source terminal, which is the
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conventional configuration. Although the voltage drop across the sense resistor is
small and does not affect the switching operation, the gate current flows through
the sense resistor on its return path to the driver. As a consequence, the measured
signal corresponds to the superposition of the primary current i; and the transient
gate current. During turn-off, this gate current briefly reverses direction, producing

the observed negative spike in the reconstructed primary-current waveform.

Figure 3.20 also shows that the linear current ramp begins from a negative value
of approximately —1 A. This behaviour originates from the resonance between
the magnetizing inductance Ly, and the total capacitance (Cp + Cogs). Once the
magnetic core is fully demagnetized, the voltage across Cp and Cys begins to
oscillate, and a corresponding resonant current flows through the transformer. If the
voltage amplitude of this resonance is sufficiently large such that vy /Ny > Vi, the
MOSEFET body diode becomes forward-biased, thereby clamping the resonance. At
this point, the voltage applied to the transformer collapses to Vj,, and the primary
current begins to rise linearly. As soon as the current becomes positive , conduction
naturally commutes from the body diode to the MOSFET N-channel.
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Fig. 3.20 Measured primary-side current waveform at voy, = 750V.
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Figure 3.21 shows the measured drain—source voltage at vy, = 750V. The
resonance between the leakage inductance Ly and the total capacitance (Cp + Coss)
is highly damped, and the peak voltage reaches only 158 V, corresponding to an
overshoot of approximately 9 %. This performance is achieved through a careful
transformer construction: the windings are tightly wound, and the primary and
secondary are interleaved to minimize L. In addition, the capacitor Cp contributes
to limiting the voltage peak. It can also be observed that the drain—source voltage
naturally transitions to zero when the magnetic core is fully demagnetized, indicating
that ZVS is achieved.
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Fig. 3.21 Measured drain—source voltage waveform at vy, = 750'V.

Once the charging unit design has been experimentally verified, the complete
electric drive is evaluated. The analysis is carried out for three configurations: the
1-capacitor drive, the 2-capacitor drive, and the 4-capacitor drive, allowing a direct
comparison of the dynamic behaviour and discharge performance as the available
energy increases. Figure 3.22 shows the experimental test setup. As illustrated in
the figure, the output terminals of the drive have been intentionally short-circuited

in order to reproduce the worst-case load condition and to assess the maximum
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current capability of the system. The discharge current is measured using the PEM
CWT 1500R current probe.

Fig. 3.22 Experimental setup used for the validation of the complete electric drive.

Figure 3.24 shows the discharge current for the three drive configurations. For
the 1-capacitor bank drive, a peak current of approximately 80 kA is obtained, which
is in good agreement with the rough estimation from the design stage (91.85kA). In
the 2-capacitor configuration, the peak current reaches 110 kA, again consistent with
the expected value of 124 kA. This configuration meets the design requirement of
delivering a peak current of at least 100 kA. Finally, the 4-capacitor drive produces a
peak current of approximately 165 kA.

Figure 3.23 presents a zoomed view of the discharge current for the three config-
urations. The 1-capacitor drive reaches its peak current at approximately 10.5 ps, in
close agreement with the design prediction of 10.2 us. The 2-capacitor drive reaches
the peak current at 16.5 ps, also consistent with the calculated value of 14.2 ps. Fi-
nally, the 4-capacitor configuration reaches its maximum current at 22.1 us. Since all
configurations share similar stray inductances, the results clearly show that increasing
the total capacitance reduces the natural frequency of the discharge circuit, thereby
increasing the peak-current time. It is also important to note that all configurations
satisfy the design requirement of achieving the peak current within 25 ps.
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Fig. 3.23 Measured discharge current for the 1-, 2-, and 4-capacitor drive configurations
under short-circuit conditions.
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Fig. 3.24 Zoomed view of the measured discharge current during the first 100 ps for the 1-,
2-, and 4-capacitor drive configurations.
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Figure 3.25 shows the calculated current slew rate during the first 100 ps. All con-
figurations exhibit peak di/dr values between 10 kA /us and 12 kA /ps, far exceeding
the 1 kA /us datasheet limit and confirming the robustness of both the thyristor and

3

the freewheel diode under such demanding pulse-power conditions.
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Fig. 3.25 Current slew rate di/d¢ during the first 100 ps for the 1-, 2-, and 4-capacitor drive
configurations.

Table 3.5 summarizes the main experimental results obtained for the three drive
configurations, including the peak current, the peak-current instant, and the maximum
current slew rate di/d¢. These values provide a clear comparison of the dynamic
behaviour of the 1-, 2-, and 4-capacitor drives.

Table 3.5 Extracted current metrics for the different capacitor-bank configurations.

Configuration  Peak current Peak time Maximum slew rate

[KA] [us] [KA/ps]
1-capacitor drive 80 10.5 12.2
2-capacitor drive 110 16.5 10.7

4-capacitor drive 165 22.1 12.3
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3.3 Summary and Conclusions

This chapter has presented the experimental validation of both the charging unit
and the complete electric drive. The characterization of the quasi-resonant flyback
stage confirmed the correct operation of the converter and provided the experimental
determination of the primary-side damping capacitor Cp. By analysing the charging
efficiency as a function of Cp, an optimal value of 680 pF was identified, achieving a
peak efficiency of 91.44 % during the charging process. The waveform measurements
showed a linear primary-current ramp, confirming that the magnetic core does not
saturate, and demonstrated well-damped drain—source voltage transitions with a
limited overshoot of only 9 %. The converter also achieved zero-voltage switching
under the selected operating conditions. These results verify that the converter design
satisfies the intended performance targets while ensuring safe switching behaviour
of the MOSFET.

The complete electric drive was subsequently evaluated for three energy-storage
configurations: 1-capacitor, 2-capacitor, and 4-capacitor bank arrangements. Peak
discharge currents of 80kA, 110kA, and 165 kA were obtained, respectively, all
in close agreement with the predictions from the design phase. The corresponding
peak-current times (10.5 ps, 16.5 us, and 22.1 ps) also matched the expected values,
confirming that increasing the total capacitance reduces the natural frequency of the
discharge circuit and consequently increases the time to reach the peak current. All
three configurations fulfil the design requirement of reaching the peak current within
25 ps.

The extracted parasitic parameters further showed that the 2-capacitor configura-
tion provides the lowest total stray inductance, as the reduction in equivalent ESL
outweighs the increase in current-path inductance Lcp. In contrast, moving to four
capacitors increases Lgray due to the larger physical spacing of the capacitor mod-
ules. The measured stray resistance remained close to ESR /N, for all configurations,

indicating that the capacitors’ intrinsic ESR dominates the total resistive behaviour.

Finally, the di/dr analysis showed maximum slew rates between 10 kA /us and
12kA /us for all configurations, far exceeding the 1kA/us limit indicated in the
semiconductor datasheets. Despite this, both the thyristor and the freewheel diode
operated reliably, demonstrating their robustness under extreme pulse-power stress

conditions.
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Overall, the experimental results confirm that the charging unit, the power stage,
and the semiconductor devices all operate within the required performance envelope.
The measured data validate the design methodology and demonstrate that the pro-
posed electric drive architecture is capable of delivering the current levels, response
times, and robustness necessary for the railgun-based actuation system in ultrafast

DC circuit breakers.






Chapter 4

The Railgun

Chapter 4 focuses on the actuator. It begins with a review of the railgun and its main
topologies, followed by the modelling framework comprising an analytical model, a
quasi-static formulation, and a transient multiphysics model. The chapter concludes
with the experimental validation of the actuator and a summary of the main findings.

4.1 State of the Art

During the last decades, research on electromagnetic railguns has intensified, driven
by their role in military systems [70—73] and their potential for suborbital and orbital
space-launch applications [74—76]. In parallel, several railgun topologies have
been explored to improve current injection, reduce losses, and enhance acceleration
performance. This section outlines the basic railgun operating principle and reviews

the most relevant topological variations reported in the literature.

The operating principle of the railgun is based on the Lorentz force generated by
the interaction between a high pulsed current and the magnetic field established in
the armature. When a current density J flows through the conductive armature, the

resulting electromagnetic force is given by

F:/JdeV, A.1)

where B denotes the magnetic flux density. This force accelerates the armature along

the rails. A sketch of the basic railgun geometry is shown in Fig. 4.1.
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Armature

i li

Fig. 4.1 Sketch of the basic railgun actuator configuration.

The performance of a railgun can be improved by increasing the magnetic
coupling between the current path and the armature, i.e., the fraction of magnetic
flux that effectively links the armature and contributes to the Lorentz force. Among
the geometries proposed in the literature, the most common configuration is the

planar-series railgun [77-79]. Figure 4.2 illustrates this configuration.

fi li I

Fig. 4.2 Sketch of the planar-series railgun configuration.




4.1 State of the Art 87

The series planar augmented railgun achieves better magnetic coupling because
the augmentation rails strengthen, confine, and better distribute the magnetic flux

linking the armature, leading to a more effective Lorentz force.

One limitation of the series-planar augmented railgun is the increase in total
inductance caused by the added augmentation rails and their electrical connections.
As a result, the current requires more time to rise, slowing the electromagnetic
response of the actuator. Furthermore, because the augmentation rails are connected
at the muzzle, the current must travel along the full rail length before returning. This
produces a magnetic field component toward the muzzle that does not link effectively
with the armature, generating flux that does not contribute to force production.

Another widely adopted topology is the stacked-series railgun [80-82], consisting
of two railgun stages connected in series and physically stacked on top of each other.
This vertical arrangement, creates a more favorable magnetic field distribution
and results in a stronger coupling to the armature compared to the planar-series
configuration. A further advantage is that the return current does not travel to the
muzzle before closing the circuit, avoiding unnecessary inductance and preventing
magnetic flux components that do not contribute to force generation. As shown
in [83], the stacked-series railgun can achieve efficiencies up to five times higher
than the planar configuration. A sketch of this topology is presented in Fig. 4.3.

i

Fig. 4.3 Sketch of the stacked-series railgun configuration.
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Another common configuration is the multipole railgun, with the quadrupole
arrangement being the most widely adopted variant (Fig. 4.4). This topology consists
of two railgun pairs connected in parallel, forming a symmetric four-rail structure. By
distributing the total current across multiple rail-armature interfaces, the quadrupole
configuration reduces bore erosion and mechanical stress. Railguns are also affected
by the proximity effect: currents in the rails and armature generate time-varying
magnetic fields that interact with adjacent conductors, inducing electromotive forces
that cause non-uniform current distribution and current crowding within the conduc-
tor cross-section. In quadrupole configurations, the symmetric geometry improves
magnetic field distribution and mitigates these effects, reducing current crowding and
associated losses. These characteristics make the quadrupole topology particularly
suitable for high-current applications, and extensive research on this configuration
has been reported in [84—87].

Fig. 4.4 Sketch of the quadrupole railgun configuration.

For simplicity, this work focuses on the basic railgun configuration.

4.2 Modeling

This chapter presents the modeling framework used to characterize the electromag-

netic, mechanical, and thermal behaviour of the railgun actuator. The analysis begins
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with an analytical model that establishes the fundamental relationships between the
current and the armature acceleration. This is followed by a quasi-static FEM for-
mulation that resolves the spatial distribution of magnetic fields and current density
under steady excitation, enabling accurate estimation of the resulting electromagnetic
force and its dependence on geometry. Finally, a fully transient three-dimensional
multiphysics model is introduced to capture the dynamic evolution of the electro-
magnetic field, the rail-armature interaction, current distribution, material heating,
and armature motion under realistic drive conditions. Collectively, these models
provide a progressively refined description of railgun behaviour and form the basis
for a comprehensive performance assessment of the proposed ultra-fast actuator.

Figure 4.5 shows the railgun prototype used as the basis for the modeling work.
Owing to the proximity effect, the current is forced to flow preferentially along the
inner side of the loop, which corresponds to the slender rail section. For this reason,
only this thin, electrically active rail segment is represented in the FEM model, while
the remaining rail structure is omitted because it does not significantly influence the

electromagnetic behaviour in the system under the considered operating conditions.

Fig. 4.5 Railgun prototype.

4.2.1 Analytical Model

The analytical model is widely used in railgun research [88-91] as a first-order
representation of the electromagnetic behaviour of the launcher. It provides closed-
form expressions relating the drive current, electromagnetic force, and resulting
armature acceleration, offering valuable physical insight with minimal computational
effort and comparatively simple implementation. However, it cannot resolve spatial
variations in current density, magnetic field distribution, Lorentz force along the
rail-armature interface, or temperature rise due to Joule heating. These limitations
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motivate the development of more detailed numerical models, presented in the

subsequent sections.

A railgun can be analytically represented as a lumped electrical system consisting
of a position-dependent resistance R and a position-dependent inductance L. Both
quantities vary with the armature position y, which is measured from the breech
toward the muzzle along the armature’s direction of motion in the y-axis. The
resistance is expressed as

R=R,+R'y, 4.2)

where R, is the armature resistance and R’ is the rail resistance gradient

_dR

R = —.
dy

4.3)

Similarly, the inductance is written as
L=L,+Ly, (4.4)

where L, is the armature inductance and L is the inductance gradient of the launcher

dL

L'=—
dy'

4.5)
The thermal dependence of the rail resistance is neglected, so the variation of R and L
arises solely from the increasing electrical path length as the armature advances. The
rail separation is assumed constant along the bore, and this simplified representation
forms the basis of the analytical model used to describe the electromechanical
behaviour of the launcher.

The total flux linkage A associated with the rail-armature system is
A =Li, (4.6)

which increases as the armature moves forward. Differentiation of the flux linkage
with respect to time yields
dA I di . dL

S S 4,
o Ca S
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Combining (4.5) and (4.3), the time derivative of the flux linkage becomes

da di  d(L,+yLl")

—=L—+i—=. 4.8

TR TR (45
Since L, is constant and L’ does not vary with the position, the second term reduces

to
d(La + yL/)

dt
where y denotes the armature speed. Thus, the expression for the rate of change of

=Ly, 4.9)

the flux linkage simplifies to
— :L—t+iL’y. (4.10)

The second term, iLy, is commonly referred to as the motional electromotive force
(emot), as it represents the voltage induced by the armature motion. Including this
contribution together with the resistive voltage drop, the breech voltage of the railgun
becomes

di

v:LE-I-iL’y-I—Ri. 4.11)

The electromagnetic force acting on the armature can be derived from the gener-
alized principle of energy conservation for electromechanical systems. In a lossless
magnetic system, variations of the magnetic energy are balanced by the electrical
energy supplied to the field and by the mechanical work performed by electromag-
netic forces on all mechanical degrees of freedom. This balance can be expressed in
differential form as [92]

N M

dEmag = ) i;dA; — Y Fjdgj, (4.12)
i=1 j=1

where Epn,e denotes the magnetic energy stored in the electromagnetic field. The
quantities #; and A; are the current and flux linkage associated with the i-th electrical
terminal pair, where an electrical terminal is an interface through which electrical
energy is supplied to or extracted from the magnetic field. The variable g; denotes
the j-th generalized mechanical coordinate, defined as an independent mechanical
degree of freedom of the system. The electromagnetic generalized force conjugate
to g, is denoted by Fj, such that electromagnetic forces perform mechanical work

through the associated displacement or deformation described by ¢ ;.
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The system under consideration comprises a single electrical terminal pair;
therefore, N = 1. In addition to the armature, the current flowing in the rails possesses
a component along the x-direction, which gives rise to electromagnetic forces acting
on the rails in the y-direction. Depending on the mechanical arrangement of the
rails, these forces may result either in rigid-body displacement, if the rails are free
to move, or in elastic deformation, if the rails are mechanically constrained. For
the sake of simplicity, the rails are here assumed to be infinitely rigid and perfectly
clamped, such that no rail displacement or deformation is permitted. Under this
assumption, only the armature motion is retained as an independent mechanical
degree of freedom, and thus M = 1. Under these conditions, the generalized energy
balance reduces to [93]

dEmae = idA — F, dy. (4.13)

The magnetic energy Ey,g is a state function of the electrical and mechanical
variables of the system. Under the assumptions introduced above, it depends on
the flux linkage A and on the armature position y, and can therefore be written as

Emag = Emag(A,y). The total differential of the magnetic energy is then given by

OEmag
IA

aEmag

dA + Iy

Y

dy. (4.14)
A

dEmag -

By equating this expression with the generalized energy balance previously derived
for the single electrical terminal and single mechanical degree of freedom, the

following relation is obtained:

0Emag
A

aEmag

dA + Iy

y

dy = idA — F,dy. (4.15)
A

Since the differentials dA and dy are independent, equality of the two expressions

requires equality of the corresponding coefficients, yielding

. aEmag
i=—7 , (4.16)
F=- g (4.17)

The latter expression provides the electromagnetic force acting on the armature

as the partial derivative of the magnetic energy with respect to the mechanical
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coordinate, evaluated under the condition of constant flux linkage. This formulation

is commonly referred to as the energy form of the electromagnetic force.

In practical actuation systems, the electrical excitation is typically imposed
in terms of current rather than flux linkage. For this reason, it is convenient to
reformulate the energy description of the system by introducing the magnetic co-

energy E/ ... The magnetic co-energy is defined as a function of the current and the

ag-*
mechanical coordinate through a Legendre transformation of the magnetic energy,

according to

where the flux linkage A is understood to be expressed as a function of the current i

and the mechanical coordinate y.

Differentiating (4.18) yields

dE} e = A di+idA — dEmgg. (4.19)

mag

Substituting the energy balance for a single electrical terminal and a single mechan-
ical coordinate, given by (4.13), into the differential expression of the magnetic
co-energy leads to

Epg(i,y) = iA — (idA — Fydy) = A di+ F;dy, (4.20)

Since the magnetic co-energy is a state function of the independent variables i

and y, its total differential can also be written as

OE! OE'
dE = — 8| §; T8 dy. 4.21
mag i , 1+ dy iy (4.21)

By equating (4.20) and (4.21) and exploiting the independence of the differentials di
and dy, the following relations are obtained:

o Vg

Ji
/
s

dy

, (4.22)
y

(4.23)

i



94 The Railgun

The latter expression provides the electromagnetic force acting on the armature
under constant-current excitation and is commonly referred to as the co-energy form

of the electromagnetic force.

For a linear magnetic system, magnetic saturation effects are neglected and the

flux linkage is proportional to the current according to
A =Li, (4.24)

Under this assumption, the magnetic co-energy can be evaluated directly as
i i 1
Enag (i,y) :/ Adi’ :/ Li'di' = ELiz. (4.25)
0 0

Substituting (4.25) into the co-energy-based force expression given in (4.23)

yields the electromagnetic force acting on the armature as

JEp, 1 ,dL
Fy = gl =22 —. 4.26
Y dy |; 2! dy (4.26)
So the force acting on the armature is
1
F,= L. (4.27)

2

It is important to note that the force expression obtained in (4.26) is based on
the simplifying assumption that only a single mechanical degree of freedom is
considered. In particular, by assuming the rails to be infinitely rigid and perfectly
clamped, all mechanical degrees of freedom associated with rail displacement or
elastic deformation are neglected. Under this assumption, the electromagnetic force
is assumed to act solely on the armature. In reality, electromagnetic forces also act
on the rails, and the total electromagnetic force generated by the system is therefore
distributed between the armature and the rails. As a result, the force predicted
by (4.26) represents an upper bound for the electromagnetic force available for

armature acceleration.

The armature dynamics follow directly from Newton’s second law:

myy = Fj, (4.28)
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where m, is the armature mass and y denotes the armature acceleration. In this
analytical model, frictional effects are neglected; therefore, the electromagnetic
force is assumed to be the sole contributor to the armature acceleration along the

y-direction. The armature speed y is obtained by time integration of the acceleration,

t
y= / jdr, (4.29)
0

while the armature position y follows from a second integration as
t
y= / ydr, (4.30)
0

Figure 4.6 shows the electro-mechanical equivalent circuit of the complete

system, comprising the electric drive and the railgun actuator.

Lstray, 1 Rstray7 1 Lstray,2 Rstray,Z
Y'Y YN

€mot

Fig. 4.6 Electro-mechanical equivalent circuit of the complete system, including the electric
drive and the railgun actuator.

In the analytical formulation, the only unknowns required to characterize the rail-
gun are the actuator inductance L and resistance R. Once these quantities are known,
the coupled electrical and mechanical problem is fully determined. In this work, the
position-dependent values of L and R are obtained using COMSOL Multiphysics 6.4
through a stationary study of the Magnetic Fields (mf) interface. In this formulation,
the electric field is not solved explicitly; instead, a magnetoquasistatic approximation

is employed, in which the magnetic vector potential A is the sole dependent variable.
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The governing equations are given by the magnetoquasistatic form of Ampere’s law,
VxH=], (4.31)

where H denotes the magnetic field intensity. The magnetic flux density is related to
the magnetic field intensity by
B=uH, (4.32)

where u denotes the magnetic permeability of the material. The flux density can also

be expressed in terms of the magnetic vector potential A as
B=VxA. (4.33)
The total current density is described by

J=0cE-+]., (4.34)

where o is the electrical conductivity of the material, J. an externally applied current
density, and E the implied electric field associated with the coil excitation. Com-
bining the above relations yields the curl—curl formulation solved for the magnetic
vector potential,

V x (ﬁVXA) =ocE+J.. (4.35)

Consistent with Maxwell’s equations, the magnetic flux density must satisfy Gauss’s
law for magnetism,
V.B=V.(VxA)=0, (4.36)

which expresses the nonexistence of magnetic monopoles and ensures that magnetic

field lines remain divergence-free.

In the present model, the railgun model is excited through a prescribed current.
In the Magnetic Fields interface, a current excitation does not introduce an explicit
volumetric current density. Instead, the specified current is imposed through a
weak contribution in the finite-element formulation, which enforces the correct total
current in the conductor without prescribing its spatial distribution. This approach
allows the current density profile to be determined self-consistently from the solution
of the magnetic vector potential, thereby capturing the effects of geometry-dependent

phenomena such as proximity effect.
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Figure 4.7 shows the geometry used in the FEM model. To reduce the com-
putational cost, the geometric symmetries of the railgun prototype are exploited.
Symmetry with respect to the xy- and yz-planes restricts the solution domain to
one quarter of the full geometry. This reduction significantly decreases the number
of degrees of freedom without altering the electromagnetic fields, as the imposed
symmetry conditions reproduce the full-system behavior.

Fig. 4.7 Geometry used in the stationary FEM model.

The symmetry across the yz-plane is implemented using a perfect magnetic
insulator boundary condition. This enforces zero normal magnetic flux, n- B = 0. In

the magnetic vector potential formulation, this condition is imposed as
nxA =0, (4.37)

with n = £ defining the outward normal of the yz-plane.

Symmetry with respect to the xy-plane is enforced by applying a perfect mag-
netic conductor boundary condition. This constraint imposes a vanishing normal
component of the magnetic vector potential on the boundary,

n-A=0, (4.38)
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with n = Z the outward normal. By forcing A to remain tangential to the plane and B

to be perpendicular, this boundary condition emulates symmetry across the xy-plane.

On all remaining outer boundaries of the computational domain, a perfect mag-
netic insulation boundary condition is applied. This enforces zero normal magnetic

flux, ensuring the magnetic field remains enclosed within the modeled region.

To obtain accurate electromagnetic results, the surrounding air domain must be
sufficiently large for the magnetic field to decay before reaching the outer bound-
aries. Increasing the air region, however, raises the number of mesh elements and
computational cost. COMSOL provides an efficient solution through the infinite
element domains feature. A thin outer layer is added around the air region on all
boundaries not lying on a symmetry plane (see Fig. 4.7) and assigned as an infinite
element domain. This layer emulates an unbounded exterior space by applying a
coordinate transformation that stretches the field toward infinity, enforcing correct
magnetic-field decay without requiring a large volumetric air region. As a result, the

computational domain is reduced without compromising solution accuracy.

The boundaries located in the xz-plane at y = 0 are assigned a magnetic insulation
boundary condition. When the armature is positioned close to y = 0, the magnetic
field lines are artificially constrained and cannot close naturally, but are truncated by
the magnetic insulation boundary. This leads to an underestimation of the magnetic
energy and, consequently, to artificially low inductance values. This effect is critical
because, as the armature moves forward, the inductance increases not only due to the
enlargement of the current loop, but also because the armature becomes progressively
farther from the magnetic insulation boundary, allowing the magnetic field lines to
close more realistically. As a result, the inductance gradient is overestimated at small
armature positions, yielding nonphysical force values. To mitigate this artifact, the
rails are modeled longer than their actual length and the armature initial position yq

is sufficiently far from the magnetic insulation boundary.

Figures 4.8(a) and 4.8(b) illustrate the mesh used in the FEM model. Figure 4.8(a)
shows the complete mesh, including the outer air region and the infinite element
domains, which are meshed using a swept mesh. This is required because the infinite
element formulation applies a coordinate stretching in the outward direction, and
a swept mesh ensures a structured element distribution aligned with this mapping,
maintaining a consistent topology for numerical stability. Figure 4.8(b) shows the

mesh of the railgun geometry only, excluding the surrounding air region. The mesh
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in this part of the model is intentionally coarse, as the stationary study does not yield

/AN,
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Vool /e e

»%

(b)

physically meaningful current- or magnetic-field distributions inside the conductors.
The purpose of this simulation is to determine the position-dependent inductance

and resistance, without requiring fine resolution of J and B.

Fig. 4.8 Mesh used in the FEM model: (a) complete mesh; (b) railgun geometry only.

shown in Fig. 4.8, employs a minimum

The mesh used in the FEM model,
element size of 1 mm and a maximum size of 2 mm. During the mesh-refinement

study, the minimum size was varied while the maximum size was fixed at twice this

value. The inductance computed for different mesh configurations and armature

Ay +yp) is reported in Fig. 4.9. Since the inductance is the quantity of

positions (y

interest, the mesh was considered acceptable once further refinement produced no

significant change, with convergence reached at a minimum size of 1 mm.
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Fig. 4.9 Mesh-refinement study for the railgun model at three armature displacements: (a)
Ay =0, (b) Ay = 10mm, (¢) and Ay = 20 mm.
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Figure 4.10 shows the railgun resistance as a function of the armature displace-
ment, ranging from approximately 27 uQ to 39 uQ. As expected, the resistance
increases linearly with the armature travel, reflecting the progressive extension of the
current path along the rails. These values represent the purely geometric contribution
to the DC resistance obtained from the stationary study. In practice, the actual rail
resistance is higher. First, the proximity effect concentrates the current into a reduced
effective cross-sectional area, thereby increasing the effective resistance. Second,
the substantial power dissipation during operation leads to significant heating of the
conductors, and the corresponding rise in temperature further increases the material
resistivity. Neither of these phenomena is captured in the stationary model, and
the results therefore represent a lower bound for the true railgun resistance during

dynamic operation.
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Fig. 4.10 Railgun resistance as a function of the armature displacement.

Figure 4.11 shows the railgun inductance as a function of the armature displace-
ment, ranging from approximately 17 nH to 30 nH. These values are closer to those
expected under realistic operating conditions, although the stationary study still tends
to yield higher values. In an actual railgun pulse, the magnetic field distribution

causes the current to crowd toward the inner rail edges, thereby reducing the effec-
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tive length of the current loop. Because the inductance depends on the enclosed
loop area, this current redistribution leads to a smaller effective inductance than the
value predicted by the simplified stationary model. The results also confirm that the
railgun actuator exhibits intrinsically low inductance, which is precisely the one of

the characteristics sought for this ultra-fast actuation application.
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Fig. 4.11 Railgun inductance as a function of the armature displacement.

Since the armature is assigned an initial position of 15 mm, the railgun exhibits
resistance and inductance values that are higher than the corresponding physical
values. This results in a constant offset in both parameters. However, this offset is
negligible when compared to the stray inductance and resistance of the electric drive,
and therefore does not introduce any significant error in the overall system response

or in the results of the present analysis.

Figure 4.12 shows the inductance gradient as a function of armature displacement.
It can be observed that the inductance gradient is approximately 665 nH/m and
remains nearly constant over the investigated range. The maximum deviation is about
1.5 %, indicating a weak dependence on displacement. This position independence
confirms that assigning an initial armature offset effectively mitigates boundary-
related artifacts and ensures a physically consistent inductance gradient.
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Fig. 4.12 Railgun inductance gradient as a function of the armature displacement.

Once the railgun resistance, inductance, and inductance gradient are known, the
electro-mechanical equivalent circuit shown in Fig. 4.6 can in principle be solved
directly. However, this approach is complicated by the behavior of the thyristor.
According to manufacturer specialists, the device requires up to 70 us to complete
its turn-on process, during which it exhibits a high transient impedance on the
order of 1-2mQQ. This transient impedance is significantly larger than the railgun
resistance and therefore dominates the initial current evolution, strongly shaping the
current pulse and masking the intrinsic electrical response of the actuator. Accurately
modeling both the magnitude and duration of this transient behavior lies outside
the scope of the present work. For this reason, the system is instead represented
by a prescribed current source driving the electromechanical subsystem consisting
of the motional electromotive force and the mechanical dynamics. Figure 4.13(a)
shows the simplified electromechanical model, while Fig. 4.13(b) presents the block

diagram implemented in Simulink to solve the resulting coupled problem.

The applied current source corresponds to a measured current pulse obtained
experimentally, shown in Fig. 4.14, and provides a realistic excitation for evaluating

the actuator performance.
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Fig. 4.13 (a) Simplified electro-mechanical equivalent circuit, and (b) block diagram used to
solve the coupled electromechanical problem.
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Fig. 4.14 Measured current pulse used as the excitation for the railgun model.

Figure 4.15 shows the electromagnetic force acting on the armature, obtained
from the analytical model. The force rises sharply during the initial stage of the
current pulse, reaching a peak of approximately 3.5 kN at around 17 ps. The resulting
armature dynamics are shown in Figures 4.16 and 4.17, where the velocity reaches
about 380 m/s and the displacement roughly 20 mm after 100 ps.
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Fig. 4.15 Electromagnetic force acting on the armature computed using the analytical railgun
model.
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Fig. 4.16 Armature speed computed using the analytical railgun model.
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Fig. 4.17 Armature speed computed using the analytical railgun model.

Although these analytical results indicate exceptionally high acceleration and
displacement, they represent an optimistic upper bound of the railgun performance.
Friction is not included in the model, and its presence would significantly reduce the
armature motion. In addition, the magnetic force is likely overestimated because
the analytical formulation assumes that the entire force acting in the y-direction is
applied to the armature, whereas in reality a portion of this force also acts on the

rails.

4.2.2 Quasi-static Model

In the previous subsection, it was shown that evaluating the electromagnetic en-
ergy—and the associated force—solely through the inductance gradient leads to
inaccurate results. This limitation arises from the simplifying assumptions inherent
in the lumped-parameter formulation, which fail to fully capture the spatial distribu-
tion of the electromagnetic field and the resulting energy exchange within the railgun
system. Consequently, a more rigorous modeling approach is required to correctly

account for the electromagnetic energy and its coupling with the mechanical motion.
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Following this observation, the methodology presented in [94] is adopted. The
railgun is characterized by computing the electromagnetic force on the armature as
a function of position and excitation current. A parametric sweep is performed in
COMSOL Multiphysics, where the armature displacement Ay is varied from O mm to
20 mm and the current from O kA to 120 kA. Figure 4.18 shows the obtained results.
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Fig. 4.18 Electromagnetic force acting on the armature as a function of armature position
and excitation current, obtained from a parametric COMSOL simulation.

The overall system dynamics are simulated in Simulink. The implemented block
diagram is shown in Fig. 4.19. The electromagnetic force results obtained from the
COMSOL parametric study are incorporated into the Simulink model by means of
a two-dimensional lookup table. This approach enables an efficient time-domain
simulation of the coupled electromechanical system while retaining the accuracy of
the FEM-based force computation.
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Fig. 4.19 Block diagram of the quasi-static model.
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Figure 4.20 shows that the quasi-static model yields a peak electromagnetic force
of 2.3 kN, approximately 35 % lower than the 3.5 kN predicted by the analytical
model.
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Fig. 4.20 Comparison of the electromagnetic force obtained from the analytical model and
the quasi-static model.

The discrepancy observed in the electromagnetic force propagates to the dynamic
response, as illustrated in Fig. 4.21, where the armature speed at 100 us reaches about
250 m/s in the quasi-static model, compared with 380 m/s in the analytical model.
This difference results in a significantly reduced acceleration of the armature over the
considered time window. Similarly, Fig. 4.22 shows that the armature displacement
at 100 us is 13 mm for the quasi-static model, whereas the analytical model predicts
approximately 20 mm.

The origin of this discrepancy lies in the force formulation of the analytical
model, which assumes that the entire electromagnetic force component along the
y-axis acts solely on the armature. In practice, a significant fraction of this force
is distributed to the rails, reducing the effective force available to accelerate the
armature. As a consequence, the analytical model overestimates the accelerating

force and, consequently, the predicted armature dynamics.
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Fig. 4.21 Comparison of the armature speed obtained from the analytical model and the
quasi-static model.
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Fig. 4.22 Comparison of the armature displacement obtained from the analytical model and
the quasi-static model.
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Figure 4.23 shows the spatial distribution of the y-component of the electromag-
netic force density obtained from the stationary study for an armature displacement
of 5 mm and a current excitation of 80 kA. As anticipated, the results clearly indicate
that the electromagnetic force is not solely applied to the armature, but is partly
distributed to the rails. Under these operating conditions, the total electromagnetic
force along the y-direction acting on the railgun amounts to 2132 N, of which 1396 N
act on the armature and 736 N on the rails. Consequently, only about 65 % of the
total force effectively contributes to accelerating the armature, which significantly
deviates from the assumption adopted in the analytical model, where the entire force

is assumed to act on the armature.
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Fig. 4.23 Spatial distribution of the y-component of the electromagnetic force density F, in
the railgun, obtained from the stationary FEM model for an armature displacement of 5 mm
and an excitation current of 80 kA.

Figure 4.24 compares the electromagnetic force obtained from the analytical
model with the force computed using the quasi-static model, where the Lorentz
force is integrated over both the armature and the rails and the resulting total force is
applied to the armature. The two results exhibit a one-to-one correspondence, with
no observable mismatch over the considered operating range. This agreement further

confirms the analytical discussion presented in the previous subsection, namely
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that the analytical model inherently assumes that the total electromagnetic force

generated in the system acts entirely on the armature.
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Fig. 4.24 Comparison between the analytical electromagnetic force and the total force
obtained from the quasi-static FEM model by integrating the Lorentz force over the armature
and rails.

4.2.3 Transient Model

Modeling three-dimensional electromagnetic problems with moving parts is an ex-
tremely complex task, as it requires the simultaneous treatment of field equations,
material interfaces, and mechanical motion. A correct formulation therefore demands
a clear understanding of the numerical framework employed by the simulation soft-
ware. Within the finite-element method, the computational domain is first discretized
into a set of mesh elements. Inside each element, the unknown field is approximated
using predefined shape functions, and the choice of these functions represents a key
modeling decision, as it determines the mathematical space in which the solution is
sought and the physical continuity properties that are enforced.

In two-dimensional electromagnetic problems with translational invariance along

the out-of-plane direction, the magnetic vector potential can be reduced to a single
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scalar component of the form
A=A,(xy)Z. (4.39)

Under this assumption, the vector Maxwell equations collapse to a scalar Poisson-
type equation for A,. The resulting unknown must be continuous throughout the
computational domain, and the problem becomes mathematically equivalent to a
scalar field formulation. Consequently, the solution can be discretized using scalar
nodal shape functions, which enforce pointwise continuity of the scalar unknown. In

COMSOL terminology, this approach corresponds to the use of Lagrange elements.

In contrast, full three-dimensional electromagnetic problems involving multiple
media require a fundamentally different treatment. Maxwell’s equations in differen-
tial form are strictly valid at points within a continuous medium, where the material
properties are well defined and differentiable. At interfaces between different materi-
als, where material parameters are discontinuous, the differential formulation is no
longer applicable. Instead, the electromagnetic behavior across such interfaces must
be described using boundary conditions derived from the integral form of Maxwell’s

equations. These interface conditions are given by

n- (D, -Dg) = py, (4.40)
nx (Es—E;j) =0, (4.41)
n-(B,—B) =0, (4.42)
nx (H—Hy) =J,, (4.43)

where D denotes the electric flux density, py and J; are the surface charge and surface
current densities, respectively, and the subscripts 1 and 2 refer to the electromagnetic
field quantities evaluated in medium 1 and medium 2. Equations (4.41) and (4.42)
enforce the continuity of the tangential component of the electric field and the
normal component of the magnetic flux density, while (4.40) and (4.43) allow for
discontinuities in the normal component of the electric flux density and the tangential

component of the magnetic field.

These selective continuity conditions cannot be enforced correctly using nodal,
scalar shape functions, as electromagnetic fields are inherently vectorial and their
physical constraints apply to specific field components rather than to the field as a

whole. As a result, three-dimensional electromagnetic problems must be formulated
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using vector-valued shape functions, with degrees of freedom associated with element
edges rather than nodes. In COMSOL, this formulation is implemented through the
use of curl-conforming (edge) elements, which naturally enforce tangential field

continuity while allowing physically admissible discontinuities at material interfaces.

A more detailed discussion of the mathematical formulation and numerical
implementation of Lagrange and curl-conforming finite elements, including their
associated function spaces, continuity properties, and applicability to electromagnetic
problems, can be found in [95]. The reference provides a comprehensive treatment
of the theoretical background and practical implications of element selection in

finite-element electromagnetic simulations.

Once the appropriate function space has been selected, the governing partial
differential equations are reformulated in their weak (variational) form by multi-
plying them with suitable test functions and integrating over the computational
domain. This weak formulation relaxes the differentiability requirements imposed
on the solution and enables the numerical treatment of complex geometries and
discontinuous material properties. The weak form is then discretized on each mesh
element, yielding local system matrices that describe the electromagnetic behavior
within individual elements. Finally, these local matrices are assembled into a global
system of equations, which is solved numerically to obtain the electromagnetic field
distribution throughout the domain.

For problems involving large geometric changes in the model, the Moving Mesh
(ALE) approach—where ALE stands for Arbitrary Lagrangian—Eulerian—is often
recommended. In this scenario, the motion is accommodated by letting the mesh
of the moving domains slide relative to the surrounding fixed mesh. In order to
ensure field continuity across the sliding interfaces, identity pair continuity boundary
conditions must be introduced [96]. However, these continuity conditions are not
compatible with electromagnetic formulations based on curl-conforming elements.
In three-dimensional electromagnetic problems, where Maxwell’s equations are
solved using vector fields, selective continuity conditions must be satisfied at inter-
faces between different media, and full field continuity cannot be enforced. As a

consequence, the identity pair approach cannot be applied in the present case.

An alternative strategy is proposed in [97], where mesh motion is avoided al-
together. Instead of moving the mesh, a time-dependent conductivity distribution

is defined in the region between the rails, such that the electrically conductive re-
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gion follows the motion of the armature. While this approach circumvents mesh
deformation and sliding interfaces, it requires a very fine mesh over the entire region
between the rails in order to accurately resolve the current distribution throughout
the simulation. As a result, the number of degrees of freedom becomes very large,

leading to a significant increase in computational complexity and simulation time.

A different methodology based on a deformed geometry formulation is presented
in [98]. In this approach, the mesh elements do not slide over one another but instead
remain continuously connected. The motion is represented through a controlled de-
formation of the geometry, while periodic mesh deformation strategies are employed
to prevent excessive mesh distortion and the formation of low-quality elements. This
method preserves mesh conformity and avoids the incompatibility issues associated
with sliding interfaces in curl-based electromagnetic formulations. In the present

research study, the modeling strategy proposed in [98] is adopted.

Figure 4.25 illustrates the geometry used for the transient electromagnetic model.
For clarity, the outer air domain is not shown. The gray region represents a portion of
the rail that is not part of the deformed-geometry domains and therefore remains rigid
throughout the simulation. As discussed previously, this auxiliary region artificially
shifts the initial armature position to ensure sufficient distance from the magnetic
insulation boundary. This domain does not correspond to any physical component
and is introduced solely for numerical convenience. The height of this region is
H/2, its length is yo — yoo, and its width is W, where yoo denotes the initial armature

position within the deformed geometry.

The yellow domains belong to the deformed-geometry regions and elongate
according to the deformation field

Y, —yo+Yyoo
Yoo

01 = Ay (4.44)
Here, 6; denotes the local geometric deformation applied to the mesh, while Ay
represents the instantaneous displacement of the armature. In COMSOL, Y, is the
global y-coordinate of a material point in the reference (undeformed) configuration.
This expression defines a spatially varying deformation that is proportional to the
armature displacement. Mesh elements located at y = yo — yoo, adjacent to the rigid
gray region, experience zero deformation, whereas elements located at yy undergo

the maximum deformation Ay.
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Fig. 4.25 Geometry of the transient model: (a) 3D view, (b) bottom view, and (c) front view.
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The purple domains, unlike the yellow ones, do not undergo deformation. In-
stead, they experience a simple translation, where the mesh remains undeformed.
This means that the geometry of these regions is shifted without altering the mesh

elements, preserving their original shape.

The green domains contract according to the deformation &,

Y,—L

8§ = —Ay (4.45)

S .
L-Lo—3-t—8-Yo

Here, L denotes the rail length, L,> and L,; are the outer and inner armature lengths,
respectively, S is the separation between the inner armature sides, t, is the armature
thickness, and a is the clearance between the armature tip and the green deforming
domains. This clearance is introduced for meshing purposes to avoid narrow regions
in the adjacent purple domain and the resulting low-quality mesh elements. The
expression thus prescribes a spatially varying contraction of the green domains.

The yellow, purple, and green domains undergo prescribed deformations defined
through analytical expressions. In contrast, the red domains are not assigned any
deformation and are allowed to deform freely, with their mesh motion governed by
the adjacent domains. As a result, they remain kinematically compatible with the
surrounding geometry and follow the imposed motion without additional constraints,

behaving as passively deformed regions.

Figure 4.25(c) shows the front view of the model geometry. This view highlights
the rail height, equal to H/2, the rail width W, and the inclination angle 6 introduced
to accommodate the armature geometry. In order to avoid sharp corners, a fillet of
radius f is applied at this angled transition.

Figure 4.25 also shows that, within the prescribed-deformation regions, a non-
conductive layer of thickness a surrounds the current-carrying domains, improving
numerical stability after remeshing. These domains are discretized using a sweep
mesh (except for the armature and its immediate surroundings), ensuring identical
mesh topology before and after remeshing and promoting stable time integration.
In contrast, the mesh in the free-deformation regions (red domains) is regenerated
during remeshing, and the associated solution mapping can introduce numerical

disturbances, to which current-carrying domains are particularly sensitive. The sur-
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rounding layer effectively mitigates these remeshing-induced perturbations, resulting

in a more stable solution.

Figure 4.26 shows the side view of the rail, highlighting the edges that define the
interface with the armature. The presence of these edges causes the rail cross-section

within the purple domains to be non-sweepable, as the faces on opposite sides of

the rail do not correspond geometrically. This issue can be resolved by subdividing

the rail along these edges, as illustrated in Fig. 4.25. Through this subdivision, the

original domain is partitioned into two geometrically compatible subdomains, each

of which can be discretized using a sweep mesh.

Armature contour

Fig. 4.26 Side view of the rail showing the edges at the interface with the armature.

Table 4.1 summarizes the numerical values of the geometrical parameters used

to define the model geometry.

Table 4.1 Geometrical parameters of the transient electromagnetic model.

Parameter Value
Yo 15 mm
Yoo 1.6 mm
L 35 mm
w 10 mm
H S mm
0 45°

f 2 mm
L.; 4 mm
L.» 5 mm
S 5 mm
a I mm
g I mm
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Figure 4.27 shows that, wherever permitted by geometric constraints, the deformed-
geometry regions are discretized using a sweep mesh. This approachyields a struc-
tured mesh in which the position of each element is controlled, thereby enabling a
well-defined and repeatable remeshing process. As discussed previously, this signif-
icantly improves numerical stability during solution initialization after remeshing.
Owing to the complex geometry of the armature, neither the armature itself nor its
immediate surrounding domains can be meshed using a sweep method; instead, a free
tetrahedral mesh is employed. This does not pose a difficulty, since these domains
do not deform and their meshes can be copied unchanged into successive remeshed
configurations, ensuring identical discretization. To preserve mesh consistency in
the swept regions throughout the simulation, the number and spatial distribution of
elements in the x-, y-, and z-directions are kept constant. The resulting trade-off is
an initially over-refined mesh in the yellow domains and an over-refined mesh in the
green domains toward the end of the simulation. Remeshing is therefore performed

periodically based on a prescribed maximum allowable mesh element distortion.

Figure 4.27 also shows that diagonal edges are introduced in the hexahedral
mesh elements of the swept rail domains. This choice is motivated by the linear
discretization adopted for the governing equations of the system. With linear shape
functions, the presence of a hybrid mesh in the current path—in particular at the
interface between hexahedral- and tetrahedral-based elements—can lead to discon-
tinuities in the computed current density. Two strategies can be used to avoid this
issue: either employing higher-order (quadratic) shape functions, or eliminating the
hybrid interface by subdividing the hexahedral elements through the insertion of
diagonal edges. Both approaches were evaluated, and it was found that the latter
provides better computational efficiency, despite resulting in a larger total number of

mesh elements.

As illustrated in Fig. 4.27(a), the mesh on the inner sides of the rails and the
armature is finer than on the outer sides. This refinement is introduced to accurately
capture the initial current distribution, since proximity effect is particularly strong
in this region. As the armature velocity increases, the velocity skin effect becomes
more pronounced, causing the current to concentrate on the upper inner surface
of the armature. For this reason, a locally finer mesh is also adopted in this area
of the armature. It is noteworthy that, thanks to the previously described domain
subdivision, the rails can be meshed using a sweep method, as shown in Fig. 4.27(a)
and Fig. 4.27(c).
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Fig. 4.27 Mesh of the transient model: (a) mesh on the xy symmetry plane, (b) mesh on the
yz symmetryplane, and (c) side view of the rail mesh.
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Equation (4.34) shows that the Magnetic Fields module does not account for the
motional contribution in the calculation of the current distribution. This limitation is
not acceptable in the present case, since the armature reaches very high velocities
and its motion plays a crucial role in determining the current distribution. In contrast,
the Magnetic and Electric Fields (mef) module explicitly includes the effects of
conductor motion and is therefore more appropriate for accurately capturing the

coupled electromagnetic—mechanical behavior of the system.

In this formulation, the electric field is expressed in terms of the electric scalar

potential V' and the magnetic vector potential A as

E=-VV - o5 (4.46)

The current density in a moving conductor is described by the generalized Ohm’s
law
J=0E+ovxB+]J., (4.47)

where v is the conductor velocity.

Ampere’s law in its magnetoquasistatic form must also be satisfied,

VxH=]. (4.48)

By defining the magnetic flux density B in terms of the magnetic vector potential
A,
B=VxA, (4.49)

Gauss’s law for magnetism,
V-B=0, (4.50)

is implicitly fulfilled and therefore does not need to be enforced as an independent

governing equation.

Current conservation can be derived directly from Ampere’s law. Taking the

divergence of Ampere’s law in its magnetoquasistatic form yields

V- (VxH) =V-J. 4.51)
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By applying the vector identity
V- (Vx:)=0, (4.52)

it follows that
V.J=0. (4.53)

This result is exact at the continuous level and expresses local current conservation.
However, in a finite-element discretization, discrete differential operators do not
preserve all continuous vector identities exactly, and in particular V- (V x ) =0 is
not satisfied in a strict sense. For this reason, COMSOL explicitly enforces current
conservation by imposing the condition from (4.53), ensuring numerical consistency
and stability of the solution.

The electromagnetic fields are coupled to the material properties through linear
constitutive equations:

B— uH, (4.54)
D = ¢E. (4.55)

Here, D denotes the electric flux density, and € is the electric permittivity of the
medium.

In addition to the electromagnetic formulation, the Heat Transfer (ht) physics
is also solved in the model in order to capture the transient thermal behavior of the
system. The temperature field is governed by a transient energy balance equation
that accounts for thermal inertia, heat transport due to material motion, conductive

heat transfer, and internal heat generation associated with thermoelastic effects.

oT

where p is the mass density, C,, the specific heat capacity, T the temperature, u
the material velocity, q the heat flux, and Q4 denotes the volumetric heat source
associated with thermoelastic damping. Since the present model assumes rigid-
body behavior and does not resolve elastic deformation or stress—strain dynamics,
thermoelastic damping does not play a role in the simulation and does not contribute
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to the thermal response. The conductive heat flux is described by Fourier’s law,
q=—kVT, (4.57)

with k being the thermal conductivity.

The electromagnetic and thermal problems are therefore fully coupled: the elec-
tromagnetic solution provides the heat sources for the thermal model, while the
temperature field feeds back into the electromagnetic problem through temperature-
dependent material properties, thus capturing self-heating effects and mutual interac-
tions between both physical domains. In particular, the electrical conductivity of the

conductors is modeled using a linearized temperature dependence,
o(T) = op(1—a(T —Tp)), (4.58)

where oy is the electrical conductivity at the reference temperature 7y, and « is the

temperature coefficient of resistivity.

Due to the extremely fast dynamics of the system, heat exchange with the sur-
rounding air can be neglected over the short time scales considered. An adiabatic
assumption is therefore adopted, allowing the thermal computation domain to be re-
stricted to the railgun components only, without explicitly modeling the surrounding
air. This simplification significantly reduces the computational cost while remaining
physically justified for the time scales of interest and the high-power transient opera-
tion investigated. The adiabatic condition is enforced by prescribing zero normal

heat flux on all exterior boundaries of the railgun,
—n-q=0, (4.59)

where n denotes the outward-pointing unit normal vector to the boundary surface.

Although the total current is imposed in the simulation, this thermal dependence
has a significant impact on the solution, as it modifies the current distribution
within the conductors. The increase in electrical resistance in the inner portion of the
current loop leads to a redistribution of the current toward regions of lower resistance,
effectively pushing the current outward. As a result, the local current density in the
regions most relevant for force generation is reduced, leading to a decrease in the
electromagnetic force density J x B.
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Figure 4.28 presents a comparison of the results obtained from the analytical,
quasi-static, and transient models. The transient model predicts a force evolution
that lies between the analytical and quasi-static solutions, while remaining closer to
the quasi-static response. In particular, the transient simulation yields a peak force
of approximately 2.7 kN, compared to 2.3 kN for the quasi-static model and 3.5 kN
for the analytical formulation.
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Fig. 4.28 Comparison of the electromagnetic force obtained from the analytical model, the
quasi-static model, and the transient model.

Even though both the transient model and the quasi-static model are formulated
using finite-element methods, their results exhibit noticeable differences in both
magnitude and spatial distribution. These discrepancies arise primarily from the
different distributions of magnetic flux density and current density obtained in
the transient and the stationary studies. In both cases, the highest magnetic flux
concentration is located at the inner faces of the armature tip (see Fig. 4.29). However,
the current distribution differs significantly between the two approaches. In the
stationary study, the current is distributed nearly uniformly across the conductor
cross section (see Fig. 4.30(b)), neglecting local current crowding at sharp corners.

By contrast, in the transient study the current density becomes strongly concentrated
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in regions of high magnetic flux density (see Fig. 4.30(a)). As a direct consequence,
the resulting Lorentz force is increased in the transient model, as evidenced by the

force comparison shown in Fig. 4.28.
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Fig. 4.29 Comparison of the the magnetic flux density norm in the railgun midplane. (a)
Transient FEM model evaluated at t = 10ps. (b) Stationary FEM model evaluated for the
same armature displacement and current as in the transient case at ¢t = 10ps.
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Fig. 4.30 Comparison of the the current density norm in the railgun midplane. (a) Transient
FEM model evaluated at + = 10us. (b) Stationary FEM model evaluated for the same
armature displacement and current as in the transient case at # = 10ps.

At the initial stages, the current distribution is primarily governed by proximity
effects, and the skin depth in both the rails and the armature is comparable. At this

stage, the armature velocity remains low, and velocity-induced skin effects play a
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negligible role. As time progresses, the current diffuses into the rail conductors.
However, as the armature velocity increases, the velocity skin effect becomes increas-
ingly significant. Consequently, the current concentrates at the tip of the armature,

on the inner faces. Figure 4.31 illustrates the current density norm at # = 100 ps.
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Fig. 4.31 Current density norm in the railgun midplane at r = 100 ps.

From the computed electromagnetic force, the armature velocity and displace-
ment are obtained by solving the mechanical equations of motion. Figure 4.32
compares the resulting armature speed predicted by the analytical, quasi-static FEM,
and transient FEM models. At ¢ = 100ps, the analytical model predicts an armature
speed of approximately 380 m/s, whereas the quasi-static and transient models yield
velocities of about 250 m/s and 300 m/s, respectively. Figure 4.33 presents a cor-
responding comparison of the armature displacement. At ¢t = 100us, the analytical
model predicts a displacement of approximately 20 mm, while the quasi-static and

transient models result in displacements of about 13 mm and 15 mm, respectively.
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Fig. 4.32 Comparison of the armature speed obtained from the analytical model, the quasi-
static model, and the transient model.
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Fig. 4.33 Comparison of the armature displacement obtained from the analytical model, the
quasi-static model, and the transient model.



128

The Railgun

Figure 4.35 presents the temporal evolution of the temperature at several evalua-
tion points within the railgun. The locations of these points are defined in Fig. 4.34:
P1 corresponds to the rail-armature interface at the midplane, P2 to the rail-armature
interface at the armature top, P3 to the armature tip (inner face) at the midplane, and
P4 to the armature tip (inner face) at the armature top. It can be observed that the
temperatures at P3 and P4 are significantly higher than at the other locations, with the
midplane exhibiting the highest values. As discussed previously, the velocity skin ef-
fect concentrates the current at the armature tip inner face, leading to localized Joule

heating. Considering that the melting temperature of aluminum is approximately

933 K, these regions are expected to undergo melting during operation.

P3

Fig. 4.34 Definition of the temperature evaluation points in the railgun.
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Fig. 4.35 Temporal evolution of the temperature at the evaluation points P1-P4.
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Figure 4.36 shows the temperature field in the railgun at # = 100 us. The highest
temperatures appear in the inner region of the armature tip, indicating severe localized
Joule heating. As aluminum melts at approximately 933 K, partial melting may occur
in this area. In the present single-use breaker, this is acceptable. However, for future
multi-shot railgun actuators, materials with higher melting temperatures, such as
copper (1358 K), could be used to improve thermal robustness and durability.

50 —
1,100
45 1,000
40 900
/‘L =)
95 800 =
: 2
£ 700 =
=
600 &
25
500
20
400
15
300
-15 -10 =5 0 5 10 15
x (mm)

Fig. 4.36 Temperature field in the railgun at # = 100 ps.

4.2.4 Friction Model

Because the current density J in the rails and armature has a significant y-component,
transverse Lorentz forces arise in the railgun. These x-directed electromagnetic
forces affect system performance by imposing mechanical loads on the rails and
inducing armature deformation. The resulting x-components of the forces acting on
the rails and armature are shown in Fig. 4.37.
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Fig. 4.37 Electromagnetic force distribution in the railgun at t = 20 us, showing the transverse
(x-direction) force components acting on the rails and on the armature in the horizontal
midplane.

At the initial instants of operation, the armature is positioned on top of the
rails, such that the current enters almost directly into the armature. Under these
conditions, the y-component of the current density in the rails, Jy, is nearly zero, and
consequently the transverse electromagnetic forces acting on the rails are negligible.
In contrast, the armature carries a considerable J, component, as shown in Fig. 4.30,
resulting in significant transverse Lorentz forces acting on the armature. Moreover,
the proximity effect concentrates the current along the inner edges of the armature,
reducing the effective distance between opposing current paths and thereby increasing
the resulting electromagnetic forces. These forces lead to an increase in the normal
contact force between the armature and the rails and, as a consequence, the friction

force must be taken into account.

As the armature progresses along the rails, the total transverse force acting on
the rails increases. Beyond a certain point, this rail force can exceed the corre-
sponding armature force, which may result in a loss of electrical contact at the
rail-armature interface and the onset of arcing. To prevent this scenario, the system

is preloaded by means of a spring mechanism. In addition to maintaining electrical
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contact, the spring mechanism compensates for unavoidable manufacturing toler-
ances, rail non-parallelism, and surface imperfections by allowing elastic compliance
of the rail assembly, thereby ensuring a more uniform and reliable contact pressure
along the armature path. Fig. 4.38 shows the temporal evolution of the transverse

electromagnetic force acting on the armature, F ,, and on the rails, Fy ;.
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Fig. 4.38 Temporal evolution of the transverse electromagnetic force acting on the rails and
armature.

It is important to note that the transverse armature force shown in Fig. 4.38 is

computed as
Fro=4 / JyB-dV, (4.60)
Va

where the integration volume V, corresponds to one quarter of the armature, as
defined in Fig. 4.37. Owing to symmetry, the net transverse electromagnetic force
acting on the complete armature is zero. Nevertheless, the force obtained from the
expression above represents the local transverse loading acting on the armature-rail
contact regions and is therefore essential for determining the total normal contact
force. This normal force directly enters the calculation of the total friction force and

must be accounted for in the mechanical analysis of the railgun.
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Similarly, the transverse electromagnetic force acting on the rails, Fy, is com-
puted using as
Fer= 4/ JyB,dV, 4.61)
Vi

where V; denotes the portion of the rail volume belonging to the deformed geometry.
The remaining rail segments are excluded from the integration, as they serve only an
auxiliary numerical role to separate the railgun from the magnetic insulation domain

and do not exist in the physical system.

It is also important to note that, to bring the numerical model closer to the real
geometry, the parameter ypjo—which represents the distance between the armature
and the non-deformed domains (see Fig. 4.25) and corresponds to the initial armature
position—has been reduced from 1.6 mm to 0.5 mm. This adjustment is essential,
since an excessively large yoo would overestimate Fj ;, leading to an underestimation

of the normal contact force and, consequently, of the friction force.

Figure 4.38 shows that, at the beginning of the railgun operation, the transverse
force acting on the armature, F, ,, is significantly higher than that acting on the rails,
Fy, resulting in a large normal contact force and high friction. Toward the end
of the simulation, F, ; exceeds F, ,, reaching approximately 1.58 kN compared to
0.95 kN for the armature, indicating loss of electrical contact and the onset of arcing.
To avoid this scenario, a minimum preload force of 629 N is required; therefore, a
preload corresponding to a mass of 50 kg is applied to each rail, resulting in a total
preload force of 981 N.

The friction force F; is evaluated as
Fy = uN, (4.62)

where 1 denotes the friction coefficient and N the normal force at the rail-armature

interface. In the present analysis, the normal force is computed as
N:Fx,a_Fx,r‘f’Fspy (4-63)

where Fy, represents the preload force applied to the rails by the spring mechanism,

which can be described by the linear spring relation

Fyp = kAx, (4.64)
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with k denoting the spring stiffness and Ax the spring compression.

For simplicity, Fgp, is assumed to be constant in the model, although in reality it
varies with the spring compression. Prior to the discharge, the armature is initially
compressed by the preload. Once current starts flowing, the armature undergoes
transverse expansion while the rails are pushed outward by the electromagnetic
forces, further compressing the springs and increasing the normal contact force

during operation.

The friction coefficient i represents one of the major sources of uncertainty
in the railgun model, as it depends on a wide range of interacting factors. It is
strongly influenced by the surface finish of the contacting bodies, with smoother
surfaces leading to lower friction coefficients. In addition, u is characteristic of
the materials in contact and depends on the relative sliding velocity, decreasing as
the speed increases. The normal force also affects the friction coefficient: higher
normal loads lead to larger real contact areas at the microscopic level, which in turn
results in higher effective friction coefficients. In practice, the value of u is usually
determined experimentally. However, the copper—aluminum interface is not well
documented in the literature and available data are scarce, in contrast to steel-based
contacts, which are extensively studied. As reported in [99], the friction coefficient
for aluminum—aluminum contacts lies in the range 1.05—1.35, while values close to
unity are also reported for copper—copper interfaces. Based on these considerations,
three constant friction coefficients, u = 0.90, 0.95, and 1.00, are assumed in the

simulation model to account for this uncertainty.

The equivalent driving force acting on the armature, Feq, is defined by the
balance between the electromagnetic force F, and the friction force ;. When the

electromagnetic force exceeds the friction force, the equivalent force is given by
Feq:Fem_Ff, ifFem>Ff7 (4.65)

whereas if the electromagnetic force is insufficient to overcome friction and the

armature is at rest, y = 0, the equivalent force is set to

Feq =0, if Fom < Frandy = 0. (4.66)

Figure 4.39 shows the equivalent force acting on the armature for friction coeffi-
cients u = 0.00, 0.90, 0.95, and 1.00. In the case u = 0.00, the simulation time is
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limited to 100 us, since extending the simulation leads to excessive compression of
the deforming green domain (Fig. 4.25), eventually resulting in negative element
volumes. The results clearly indicate that friction severely degrades the railgun
performance. Without friction, the peak equivalent force reaches approximately
2.7kN, whereas with u = 0.90 the peak force drops to about 391 N, with u = 0.95
to 341 N, and with u = 1.00 to 294 N. Furthermore, when friction is included, a
delay of approximately 50 ps is observed before motion starts, as the electromagnetic
force is initially insufficient to overcome the friction force. It can also be seen that
around ¢ ~ 200 ps the equivalent force becomes negative when friction is accounted
for, indicating a deceleration of the armature. Finally, for g = 1.00 the driving force
suddenly goes to zero at ¢ = 360 s, corresponding to a complete stop of the armature
(see Fig. 4.40); a similar behavior is observed for 4 = 0.95 att ~ 397 ps.
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Fig. 4.39 Equivalent driving force acting on the armature for different friction coefficients,
u =0.00, 0.90, 0.95, and 1.00.

Figure 4.40 shows the armature speed for friction coefficients p = 0.00, 0.90,
0.95, and 1.00. As expected from the equivalent driving force analysis, the armature
speed is strongly reduced by the presence of friction, significantly affecting the

dynamic response of the system under operating conditions. In the frictionless
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case (U = 0.00), the armature reaches a maximum speed of approximately 297 m/s.
When friction is included, the achievable speed decreases markedly: for u = 0.90,
the maximum speed is about 85 m/s, with a final speed of 32m/s at the end of
the simulation. For g = 0.95, the maximum speed is reduced to 67 m/s, and the
armature comes to a complete stop at t = 397 us. A similar behavior is observed for
u = 1.00, for which the maximum speed is approximately 52 m/s, and the armature
stops earlier, at t = 360 ps.
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Fig. 4.40 Armature speed as a function of time for different friction coefficients, u = 0.00,
0.90, 0.95, and 1.00.

Figure 4.41 shows the armature displacement for friction coefficients y = 0.00,
0.90, 0.95, and 1.00. In the frictionless case (u = 0.00), a displacement of 15 mm is
achieved within 100 ps, demonstrating the maximum achievable performance. For
u = 0.90, the armature reaches a total displacement of almost 20 mm over 400 ps,
while the full breaker stroke of 15 mm is completed at approximately 315 us. When
the friction coefficient is increased to 4 = 0.95, the maximum displacement is limited
to about 14 mm, and for ¢ = 1.00 the armature travel is further reduced, reaching a

maximum displacement of approximately 10 mm.
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Fig. 4.41 Temporal evolution of the transverse electromagnetic force acting on the rails and
armature.

From the obtained results, it can be clearly seen that friction has a strong detri-
mental impact on the overall performance of the railgun. One effective mitigation
strategy consists in modifying the armature geometry: by changing the armature
from a C-shaped configuration to a rectangular shape, the transverse electromagnetic
force acting on the armature is significantly reduced, which in turn lowers the normal
contact force and, consequently, the resulting friction force. In addition, increasing
the separation between the rails represents another viable approach to improve per-
formance. A larger rail spacing reduces the transverse electromagnetic forces acting
on the rails, thereby decreasing the required preload force. As a result, the normal
force at the rail-armature interface is reduced, leading to lower friction losses and

improved railgun efficiency.

4.3 Experimental Validation

During the modeling stage, some simplifying assumptions were introduced to keep
the problem tractable. In particular, the friction coefficient g was assumed con-
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stant, neglecting its dependence on sliding speed and normal force. Moreover, the
contact interface was not explicitly modeled: heat generation by friction, electrical
contact resistance, and thermal contact resistance at the armature—rail interface were
neglected. As a result, the predicted interface temperature cannot be considered ac-
curate. This limitation is potentially significant, since these effects may increase the
local temperature and lead to material melting. The presence of a molten layer may,
in turn, act as a lubricant and reduce the effective friction coefficient. In this section,
the proposed model is validated against experimental results to assess whether the

adopted assumptions are acceptable under the operating conditions.

Figure 4.42 shows the prototype of the railgun actuator used for the experimental
validation. The rails are painted black and the armature white to maximize optical
contrast and facilitate armature tracking with the high-speed camera. Each rail
includes nine rods sliding over the FR-4 blocks (yellow side blocks), constraining
rail motion to the transversal direction. The FR-4 blocks are clamped to a massive
stainless-steel block for structural rigidity. Although only three preloading springs
per side are visible, five per side are used in the actual setup to withstand the total
load. SWG10-60 springs are employed, with a maximum load of 490 N and a spring
constant of 40.9 N/mm. The required spring compression to achieve the desired

preload is given by
P

kNqp

where P = 490N is the preload force and N, is the number of springs per rail.

Ax =

—2.38mm, (4.67)

Fig. 4.42 Prototype of the railgun actuator used for experimental validation.
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The experimental test setup combines synchronized electrical and optical equip-
ment and is shown in Fig. 4.43. Electrical measurements were performed using a
Tektronix DPO 7104C oscilloscope to record the muzzle voltage and railgun current.
The current was measured with a PEM CWTI1500R Rogowski current probe, while
the muzzle voltage was acquired using a Tektronix TA042 differential voltage probe.
Optical diagnostics were carried out with an i-Speed 727 Mono high-speed camera
from IX Cameras, capable of a maximum frame rate of 200000 frames per second.
To balance spatial resolution and temporal accuracy, recordings were performed at
100000 frames per second using a Nikon AF-S Nikkor 50 mm {/1.8G ED lens. Loss
of electrical contact between the rails and the armature leads to arc formation; the
intense broadband arc radiation would otherwise overexpose the sensor and prevent
reliable armature tracking. This issue is mitigated by employing a MidOpt BP365
bandpass filter, which transmits only wavelengths in the 615—645 nm. Since arc radi-
ation spans the visible spectrum, most of its optical power is rejected. Nevertheless,
the remaining arc light can still be intense; therefore, an external red illumination
source centered at 625 nm, with higher intensity than the arc emission, is used so
that the recorded images are dominated by the controlled illumination. To avoid
saturation, the lens aperture was set to f/4 and an ND8 neutral density filter was
added.
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Fig. 4.43 Experimental test setup for the railgun actuator validation.
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The entire experimental setup is coordinated by an Arduino Due, which acts
as the central control unit. When an experiment is initiated, the Arduino generates
a single trigger pulse that simultaneously performs three actions: it triggers the
thyristor of the electrical drive, arms the oscilloscope, and starts the recording
of the high-speed camera. Upon receiving the logic-high trigger signal, both the
oscilloscope and the camera begin data acquisition, ensuring precise synchronization

between the electrical measurements and the optical recordings.

The armature position was extracted using the Xcitex ProAnalyst 2023 software.
Figure 4.44 compares the experimentally measured armature displacement with
the results obtained from the simulation model for friction coefficients u = 0.90,
uw =0.95, and u = 1.00. It can be observed that the model assuming u = 0.95
closely matches the experimental results up to approximately t = 270us, with a
maximum deviation of about 0.1 mm. Beyond this point, a significant discrepancy
arises between the simulation and the experiment results. This deviation cannot be
attributed to the transition from static to kinetic friction, as such a transition occurs

at much lower speeds (around 1 m/s).
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Fig. 4.44 Comparison between experimentally measured armature displacement and simula-
tion results for different friction coefficients (4 = 0.90, u = 0.95, and u = 1.00)
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Evidence supporting a different mechanism is shown in Fig. 4.45(a), where alu-
minum deposits appear on the rails, indicating melting at the armature-rail interface.
The onset of this layer occurs about 10 mm from the armature tip, corresponding
to t =~ 270ps, which matches the divergence between experimental and simulated
results. Material loss is also visible on the armature (Fig. 4.45(b)), further confirming
melting. The deposited aluminum is confined to a short rail section rather than
extending along its full length, likely because the high armature velocity expels most
molten material. In the present application, this degradation is acceptable since the
breaker is intended for single-use operation. For future multi-shot implementations,
materials with higher melting points, such as steel or tungsten, should be considered
to ensure reliable long-term operation. Overall, the model accurately predicts dry-
friction behavior, with an error of about 0.1 mm. Once melting begins at # ~ 270ps,

molten material reduces friction—an effect not included in the model.

Fig. 4.45 Post-test inspection of the rail-armature interface showing (a) rails, and (b) arma-
ture.
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Figure 4.45 shows that, aside from the presence of aluminum deposits on the rail
surface, no significant damage to the railgun structure is observed after the shot. The
rails and the armature remain mechanically intact, with no evidence of severe erosion,
deformation, or cracking. This indicates that the observed melting is localized and
limited to the contact interface, without compromising the overall integrity of the
actuator. These results suggest that, despite the extreme operating conditions, the
railgun actuator can withstand a firing event without critical degradation, thereby
opening the possibility of its application in multiple-operation circuit breakers rather

than being restricted to single-use devices.

The presented model could be further improved by reducing the friction coef-
ficient once the armature starts to melt. Implementing such a refinement, however,
requires an accurate estimate of the temperature at the armature contact area, which
represents the main challenge. As already discussed, the electromagnetic problem
must be formulated using curl-conforming elements; consequently, the interface
conditions are governed by (4.40)—(4.43). Under these constraints, imposing identity-
pair continuity or source—destination boundary conditions (for example, to introduce
an explicit electrical contact resistance) would overconstrain the problem and po-
tentially lead to nonphysical field distributions or numerical instability. For this
reason, once curl elements are used in any of the model physics, it is not possible
to employ source and destination boundaries at the interface: the domains share a
single boundary, and the contact interface cannot be treated as two paired boundaries.
As a result, the temperature at the armature contact area cannot be obtained in a
straightforward manner within the present modeling strategy, particularly under
highly transient operating conditions. Although several workarounds exist, they
are beyond the scope of this thesis and would require a substantially more complex
model. One possible approach is to introduce a very thin interfacial layer domain
representing the contact, to which effective electrical and thermal conductivities are
assigned in order to emulate the contact resistances and approximate the associated

heat generation mechanisms.

Figure 4.46 shows the railgun at different operating times, namely ¢ = Oys,
t =130ps, t = 260ps, and r = 400ps. It can be observed that the image quality is
sufficiently high to allow precise tracking of the armature position throughout the
entire motion.
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(b)

(c) (d)

Fig. 4.46 High-speed camera images of the railgun at different operating times ((a) t = Oups,
(b) t =130ps, (c) t =260ps, and (d) = 400ps).
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The armature speed was obtained by numerical differentiation of the experimen-
tally measured armature displacement. Because the camera frame rate provides
position data only every 10 ps, a direct differentiation would lead to a strongly noise-
corrupted speed waveform. To mitigate this issue, intermediate data points were
first introduced by interpolation, and the resulting displacement signal was subse-
quently smoothed using the cubic smoothing spline function (csaps). This method
computes a cubic spline that balances fidelity to the measured data with smoothness
by minimizing a weighted combination of the squared fitting error and the spline
curvature, thereby effectively filtering high-frequency noise while preserving the
underlying dynamics. Figure 4.47 compares the experimentally obtained armature
speed with the simulation results for the friction coefficients u = 0.90, u = 0.95,
and 4 = 1.00. A very good agreement is observed between the experimental data
and the simulation results obtained with 1 = 0.95 up to the point where melting
effects become relevant, after which the results diverge for the reasons discussed
previously. At ¢ = 400us, the armature reaches a measured speed of approximately
106 m/s.
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Fig. 4.47 Comparison between the experimentally obtained armature speed and simulation
results for different friction coefficients (1 = 0.90, u = 0.95, and u = 1.00).
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From the experimentally obtained armature speed, the acceleration can be com-
puted by numerical differentiation, and the corresponding driving force can then
be estimated by multiplying the acceleration by the armature mass. Performing a
second numerical differentiation is inherently challenging and is expected to intro-
duce a non-negligible level of noise and error, particularly given the limited temporal
resolution of the experimental data. As shown in Fig. 4.44, the agreement between
experimental and simulated force is therefore less accurate than for displacement
and velocity. Nevertheless, it can be observed that up to approximately ¢ = 220 s,
the experimental and simulated force waveforms follow a similar overall trend. At
later times, the experimentally derived force exhibits noticeable oscillations toward
the end of the motion. These oscillations may be partly attributed to numerical
artifacts introduced by the differentiation process; however, they may also reflect a
real physical effect, potentially associated with the presence of molten aluminum at
the contact interface, which would lead to a non-constant and dynamically varying

effective friction coefficient.
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Fig. 4.48 Comparison between the experimentally obtained armature force and simulation

results for different friction coefficients (u = 0.90, u = 0.95, and u = 1.00).

Since friction has a strongly detrimental effect on railgun performance, it might be

tempting to reduce the preload in order to improve the dynamic response. However,
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this approach must be considered with caution. Reducing the preload also increases
the electrical contact resistance between the rails and the armature, which leads to
higher Joule losses. Moreover, an excessively low preload may result in intermittent
loss of electrical contact, causing arcing at the interface and further increasing the
losses within the actuator. Figure 4.49 compares the armature displacement obtained
with a preload of 490 N per rail and 392 N per rail. As expected, the configuration
with lower preload exhibits a higher initial acceleration. Nevertheless, the system
with the higher preload overtakes the lower-preload case at approximately t = 177 ps.
Att =400 s, the configuration with 490 N preload reaches an armature displacement
of approximately 21 mm, whereas the configuration with 392 N preload reaches only
about 17 mm.
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Fig. 4.49 Comparison of armature displacement for two different preload forces applied to
each rail (490N and 392 N).

By analyzing the railgun current for both preload configurations, the reasons
for the superior performance of the 490 N preload case become evident. As shown
in Fig. 4.50, the current profile corresponding to the 490 N preload is consistently
slightly higher than that of the 392 N configuration. This directly implies a higher
electromagnetic force acting on the armature and, consequently, a higher driving
force. In addition, the 392 N preload configuration exhibits a sudden drop in current
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at approximately ¢ = 255 ps, followed by a further decrease around t = 320 us. These

current reductions significantly degrade the actuator performance.
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Fig. 4.50 Measured railgun current for two different preload forces applied to each rail
(490N and 392 N).

Figure 4.51 shows the muzzle voltage, defined as the voltage measured at the
end of the rails. This voltage represents the combined voltage drop across the
armature and the rail-armature contact interfaces. At the beginning of the discharge,
a pronounced voltage spike is observed in both configurations; this spike corresponds
to the inductive term Ldi/dr associated with the armature, since the current rise rate
is very high at the initial stage. Subsequently, both preload configurations exhibit an
almost identical muzzle voltage for a short time interval. As the discharge progresses,
the muzzle voltage in the 392 N preload configuration increases more than in the
490N case, indicating a higher effective contact resistance, which also explains
the lower current levels previously observed. In addition, distinct voltage spikes
appear at approximately t = 255 us and # = 320 s in the 392 N configuration; these
spikes explain the corresponding current dips and are attributed to temporary loss of
electrical contact and the consequent arc formation at the rail-armature interface, as
shown in Fig. 4.52.
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Fig. 4.51 Measured muzzle voltage for two different preload forces applied to each rail
(490N and 392 N).

(a) (b)

Fig. 4.52 High-speed camera images showing arc formation at the rail-armature interface
during operation with reduced preload: (a) t = 260us and (b) t = 320us.
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In Fig. 4.51(a), the arc is more difficult to observe because its energy is lower and
it occurs on the backside of the armature. As a result, the emitted light is partially
obscured from the camera view, since the arc forms on the right-hand side of the

armature and is not directly visible in the recorded frame.

Figure 4.53 shows the rails and the armature corresponding to the 392 N preload
configuration after the shot. In contrast to the higher-preload case, a noticeably
higher level of damage is observed. In particular, the rails exhibit significant surface
degradation, with clear signs of abrasion caused by arc activity at the rail-armature
interface. This damage is consistent with the intermittent loss of electrical contact
discussed previously and further confirms that the reduced preload promotes arcing,
leading to increased wear and degradation of the rail surfaces.

(b)

Fig. 4.53 Post-test inspection of the rail-armature interface for the 392 N preload configura-
tion showing (a) rails, and (b) armature.

Figure 4.54 presents the system-level results obtained using the simulation frame-
work introduced in Chapter 2. In contrast to the previous analyses, where the breaker
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arc voltage was computed assuming an average armature speed, the present results
incorporate the experimentally measured armature displacement. Specifically, the
measured displacement is used to reconstruct the instantaneous breaker contact sepa-
ration, from which the time-varying arc length is obtained and directly translated into
the corresponding arc voltage. In this way, the breaker voltage evolution reflects the
real actuator dynamics rather than an idealized kinematic assumption. Figure 4.54
shows the resulting breaker current for three different system inductances, namely
L = 10puH, 50pH, and 100puH In all cases, current interruption is achieved in less
than 700 ps, with interruption times of approximately 420 us, 580 us, and 700 ps
for 10 uH, 50 uH, and 100 uH, respectively. The peak current is limited to about
11.5kA for Ly = 10uH, 3.9kA for 50 uH, and 2.6 kA for 100 uH. These results
demonstrate that the proposed solution significantly outperforms state-of-the-art
pyrotechnic fuses, which typically exhibit interruption times of 1 ms to 2ms for
comparable system inductances. Moreover, the achieved performance is superior to
that of Thomson-coil-based actuators, which interrupts currents in approximately
800 ps for a 10 uH grid while limiting the current to about 12 kA.

12 ‘
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Fig. 4.54 System-level breaker current obtained using the simulation model of Chapter 2,
where the experimentally measured armature displacement is used to compute the time-
varying contact separation and arc voltage, for three different system inductances (Ls = 10 uH,
50 uH, and 100 pH).
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4.4 Summary and Conclusions

This chapter presented the modeling, experimental validation, and performance
assessment of a railgun-based actuator for ultrafast mechanical circuit breaker appli-
cations. A hierarchical modeling strategy was adopted, progressing from analytical
formulations to quasi-static and fully transient multiphysics simulations, and ulti-

mately validated through experiments.

At the analytical level, simplified electromagnetic and mechanical models were
developed to gain physical insight into the railgun actuation principle. Despite
relying on idealized assumptions, these models provided useful guidance for param-
eter scaling, sensitivity analysis, and preliminary design choices. Building on this
foundation, a quasi-static electromagnetic model was employed to evaluate current
density, magnetic field, and Lorentz force distributions as a function of armature
position. This enabled the extraction of position-dependent electromagnetic force
profiles, which were used in a reduced-order dynamic model, offering a good balance

between accuracy and computational efficiency.

The main contribution of the chapter is the development of a fully transient
multiphysics model coupling three-dimensional electromagnetic fields, mechanical
motion, and heat transfer. Since the electromagnetic problem is solved in a full
3D geometry, curl-conforming (edge) elements were required to correctly solve
Maxwell’s equations. This constraint precludes the use of classical Moving Mesh
(ALE) approaches based on sliding domains, as these rely on source—destination or
identity-pair boundary conditions that would overconstrain the electromagnetic for-
mulation. Instead, a geometry-deformation-based approach was adopted to describe
the armature motion while preserving inherent field continuity. Mesh quality was

ensured through periodic remeshing based on element distortion criteria.

Friction was explicitly modeled as a dominant loss mechanism using a Coulomb-
type law with a constant friction coefficient. The simulations showed that friction
strongly limits actuator performance, significantly reducing acceleration and peak
speed. The model reproduced the experimentally measured armature displacement
and velocity with deviations below 0.1 mm under dry-friction conditions, with the
best agreement obtained for a friction coefficient of u = 0.95. Nevertheless, a
key limitation of the model is the assumption of constant friction. Experimental

observations indicate that, once melting occurs at the rail-armature interface, molten
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aluminum acts as a self-lubricant, leading to a sharp reduction in effective friction.
Although a temperature-dependent friction law could capture this behavior, the
use of curl-conforming elements enforces strict interface conditions defined by
Maxwell’s equations, requiring the rail-armature interface to be treated as a single
shared boundary. This prevents straightforward evaluation of contact temperature
and local Joule heating. More advanced interface modeling strategies were therefore

considered beyond the scope of this work.

Experimental validation confirmed the high performance of the actuator. The
armature reached a displacement of approximately 21 mm at t = 400 us, while the
required breaker stroke of 15 mm was achieved in about 300 ps. The experimentally
derived velocity profile showed a peak speed of approximately 106 m/s, far exceed-
ing that of conventional electromagnetic actuators. The influence of preload force
was also investigated. Although reducing preload initially improves acceleration
by lowering friction, experiments demonstrated that insufficient preload increases
electrical contact resistance and leads to intermittent contact loss and arcing. As a
result, the lower preload configuration (392 N per rail) exhibited inferior performance
and significantly higher rail damage compared to the higher preload case (490 N per
rail), highlighting the need to balance mechanical and electrical considerations.

Finally, system-level simulations incorporating the experimentally measured
armature displacement were used to evaluate breaker performance under realistic
grid conditions. For system inductances of Ly = 10pH, Ly = 50puH, and L =
100 uH, current interruption was achieved within approximately 420 us, 580 ps, and
700 us, respectively, with peak currents limited to 11.5kA, 3.9kA, and 2.6 kA.
These results significantly outperform state-of-the-art pyrofuses and exceed the

performance reported for Thomson-coil-based actuators.

In summary, Chapter 4 demonstrates that the proposed railgun-based actuator is
a highly effective solution for ultrafast mechanical circuit breakers. The combined
modeling and experimental results confirm its feasibility, robustness, and clear
performance advantage over existing technologies, while also identifying friction

and contact phenomena as the primary factors limiting further improvements.






Chapter 5
Conclusions and Future Work

This chapter provides a consolidated overview of the main topics addressed through-
out the thesis. In addition, it outlines potential directions for future research that

could further extend and complement the present work.

5.1 Conclusions

In this thesis, the modeling and design of a railgun-driven electromagnetic actuator
for ultrafast LVDC circuit breakers are addressed. It is shown that the proposed
railgun-based actuation concept outperforms the fastest single-use current interrup-
tion technology reported in the state of the art, namely the pyrofuse, and provides a
significantly faster dynamic response than Thomson-coil-based actuators commonly
employed in ultrafast circuit breakers.

Chapter 1 established the motivation and reviewed the state of the art of circuit
breaker technologies with a focus on LVDC systems. It highlighted the intrinsic
difficulty of DC current interruption due to the absence of natural current zero
crossings and the typically low inductance of DC networks, which leads to very
high fault current rise rates. Solid-state circuit breakers were identified as the
fastest solution, achieving interruption times below 10 us, but suffering from high
conduction losses, lack of galvanic isolation, and unfavorable failure modes. Hybrid
breakers reduce some of these drawbacks at the cost of increased complexity, while
mechanical circuit breakers remain the most robust and cost-effective solution but are
fundamentally limited by actuator speed. The analysis identified ultrafast actuation



154 Conclusions and Future Work

as the key enabler for next-generation mechanical circuit breakers and established

the pyrofuse as the performance benchmark for single-use interruption.

Chapter 2 presented a system-level simulation of an 800 V, 800 A LVDC pro-
tection scenario representative of ultrafast electric vehicle charging applications.
The results demonstrated that system inductance strongly affects fault evolution:
lower inductance leads to higher peak currents but shorter interruption times, placing
stringent requirements on actuator dynamics. It was further shown that increasing
actuator speed not only shortens interruption time and limits peak current, but also
significantly reduces the energy dissipated in the breaker, enabling a reduction in arc

chamber size and improving overall efficiency.

Chapter 3 focused on the pulse-power electric drive supplying the railgun actuator.
The developed drive delivers up to 165 kA within 22 s, with a maximum di/d¢
of 12kA/us. Distributed-gate thyristors were shown to be well suited for this
application, while a standard rectifier diode is sufficient for freewheeling operation.
Due to the extremely low impedance of the railgun load, parasitic resistance and
inductance dominate the current waveform, making layout optimization critical. The
realized drive exhibits 88 nH of stray inductance and 0.6 m€ of parasitic resistance.
In particular, the stray inductance between the capacitor bank and the freewheeling
diode was identified as a major efficiency-limiting factor, as its stored magnetic
energy is dissipated in the diode rather than transferred to the railgun.

Chapter 4 investigated the railgun actuator through analytical modeling, qua-
sistatic and fully transient multiphysics simulations, and experimental validation. An
energy-based analytical model provided physical insight but overestimated the elec-
tromagnetic force. A quasistatic model improved accuracy by computing the force as
a function of current and armature position and coupling it to the mechanical dynam-
ics. A three-dimensional transient multiphysics model, including electromagnetic
fields, heat transfer, mechanical motion, and friction, enabled accurate prediction
of current distribution, magnetic field, and temperature rise. Friction was shown to
severely limit performance, with C-shaped armatures and small rail spacing exacer-
bating transversal forces. A mechanical preload was required to maintain electrical
contact. Experimental results validated the model with an armature position error of
approximately 0.1 mm. The prototype achieved 15 mm displacement in 300 ps and a
peak speed of 106 m/s. System-level simulations using measured armature motion

showed interruption times between 420 us and 700 us for system inductances from
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10 uH to 100 pH, significantly outperforming pyrofuses and exceeding the response

of Thomson-coil-based actuators.

Overall, this thesis demonstrates that railgun-based electromagnetic actuation
is a viable and high-performance solution for ultrafast LVDC mechanical circuit
breakers. By combining system-level analysis, dedicated pulse-power drive design,
multiphysics modeling, and experimental validation, it is shown that actuation speed
is the key factor enabling reduced interruption time and energy dissipation, while

preserving the inherent advantages of mechanical breakers.

5.2 Future Work

Several directions for future research emerge from the results of this thesis and
could further enhance the performance, efficiency, and practical applicability of

railgun-driven ultrafast LVDC circuit breakers.

From the perspective of the electric drive, a promising improvement consists in
replacing the distributed-gate thyristor with a triggered spark gap as the main switch-
ing element. Triggered spark gaps offer significantly faster turn-on times, typically
below 100 ns, compared to approximately 30 us for distributed-gate thyristors. In
addition, spark gaps do not impose intrinsic di/ds limitations and are generally more
compact and cost-effective. Their reduced physical size would allow a substantial re-
duction of the current loop area, leading to lower stray inductance and, consequently,

higher energy transfer efficiency and improved drive performance.

Regarding modeling, the accuracy of the railgun actuator model could be further
improved by incorporating a detailed description of temperature evolution in the rail—
armature contact regions. An explicit thermo-electrical contact model would enable
the prediction of local temperature rise and its influence on contact resistance and
friction behavior. This extension would allow the transition from dry to lubricated
friction regimes to be captured more realistically, improving the predictive capability

of the multiphysics simulations under extreme operating conditions.

From a design standpoint, significant performance gains are expected from modi-
fying the armature geometry. Replacing the C-shaped armature with a rectangular
cross-section would reduce transversal electromagnetic forces acting on the arma-

ture, thereby lowering the normal contact force and associated friction losses. In
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addition, increasing the separation between the rails would further reduce repulsive
transversal forces, allowing the preload force required to maintain electrical contact
to be decreased. The combined effect of these design changes would be a reduction

in friction losses and an increase in achievable acceleration and efficiency.

Beyond the basic railgun configuration investigated in this work, alternative
railgun topologies should be explored. In particular, quadrupole and augmented
railgun configurations offer the potential to improve force uniformity, reduce current
crowding, and mitigate mechanical stress on the rails and armature. A comparative
assessment of these topologies in the context of ultrafast actuation for circuit breakers
would provide valuable insight into their suitability and scalability.

Finally, future work should focus on the complete design, construction, and
experimental testing of a railgun-driven circuit breaker prototype. This includes
the integration of the actuator with a realistic arc chamber, insulation system, and
mechanical housing, as well as validation under representative fault conditions. Such
a demonstrator would represent a crucial step toward assessing long-term reliability,

manufacturability, and system-level integration in practical LVDC applications.
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