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Assessment of Blade Element Momentum Theory-based engineer-
ing models for wind turbine rotors under uniform steady inflow

Umberto Boatto, Paul A. Bonnet, Francesco Avallone, Daniele Ragni

e CFD-based assessment of BEMT corrections for tip-root-losses and
stall delay

e Prandtl tip-loss correction is missing tip-vortex-induced lift coefficient
reduction

e Zhong tip-loss model improves the Prandtl one for high tip-speed ratio
and blunt tip

e CFD inboard blade loading matched by only a stall-delay-corrected lift
coefficient

e Capturing the root-vortex downwash requires a modified Prandtl root-
loss correction
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Abstract

Blade Element Momentum Theory (BEMT) -based approaches provide 15-
20% inaccurate load predictions under uniform steady inflow. Inaccuracies
were related to unclear aerodynamic mechanisms causing the Prandtl Tip-
Root Loss (TRL) correction to fail at high Tip-Speed Ratio (TSR) and
the ambiguous drag coefficient treatment under Stall Delay (SD). With this
study, we provide an in-depth flow analysis to explain what physical mecha-
nisms are poorly captured in TRL and SD corrections and offer a potential
solution for the improvement of the Prandtl model. Corrections are assessed
by comparison with RANS CFD simulations of the NREL 5MW rotor at its
design TSR, TSR 4, and TSR 10. The Prandtl tip-loss correction provides
5-15% higher loading than CFD at TSR 10. The reason is a lower (0.5°)
downwash angle of attack, providing a 5-10% lift coefficient overestimation.
We recommend employing the tip-loss correction of Zhong, as it considers the
lift coefficient reduction due to the tip-vortex downwash. The investigated
Eggers SD correction predicts an incorrect drag coefficient at TSR 4, while a
better agreement is found for the lift coefficient. We conclude that only the
latter requires a correction for SD in the inboard blade.

Keywords: Wind turbine, Aerodynamics, Blade Element Momentum
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1. Introduction

The preliminary design of efficient rotor blades requires accurate, robust,
and reasonably fast aerodynamic prediction methods to estimate their power
output and wind-induced load distributions [1, 2, 3].

The preliminary design methods used by the wind turbine industry consist
of low-fidelity engineering methods such as the Blade Element Momentum
Theory (BEMT) [4] extended with semi-empirical corrections [5, 1, 6]. Sub-
stantial efforts were made in the past to compare BEMT-based codes with 3D
RANS simulations and wind tunnel experiments [7, 2, 8]. Engineering meth-
ods failed to accurately predict the rotor load distributions under uniform
steady inflow, notably at high speed. In the NREL ”blind comparison” [7],
BEMT-based codes overpredicted by 10 to 40% blade loading in the area
beyond 70% of the rotor radius (from here onwards we will refer to this part
of the blade as the outboard blade) due to inaccuracies in tip loss correc-
tions. Moreover, the same codes provided wrong normal load estimates on
the blade area between 20 and 40% of the rotor radius (from here onwards we
will refer to this part of the blade as the inboard blade) at high inflow speed
due to 2D airfoil data. On the other hand, CFD codes provided a more fa-
vorable match under stall. In the Mexnext Phase I project [2], BEMT-based
codes underpredicted by 20% the experimental and CFD normal force at
above-rated conditions in spite of stall delay corrections, and overestimated
the outboard blade loads at all inflow speeds by an average 15%. In Phase
IIT [8], it was confirmed that the largest deviations between BEMT and CFD
loads were in the tip region. These inaccuracies occur because 3D aerody-
namic phenomena, such as tip losses and stall delay, are important at high
inflow speed regimes, even under uniform steady inflow.

Concerning the outboard blade, most industrial BEMT codes employ
variations of the Prandtl [9] Tip-Root Loss (TRL) factor to improve the ac-
curacy of power and load computations [10]. The original Prandtl model was
derived by assuming a constant blade bound circulation with concentrated
trailed vorticity at the tip and a cylindrical non-expanding wake. Ramdin [11]
compared the Prandtl factor with a free vortex wake model and showed that
it tends to overpredict at 80% blade and underpredict at 95% the tip losses for
Tip Speed Ratio (TSR) from 4 to 10 and five different rotor designs. These
deficiencies were attributed to the inability of the model to capture the tip
vortex axial and radial movements as well as strength variation with TSR
and non-uniform high blade loading [11]. Barndlard [10] identified ”wake
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expansion, roll-up and distortion” as phenomena not included in Prandtl-
based factors, and by free vortex wake analysis the researcher pointed out
that TSR, thrust coefficient, and radial distribution of the blade circulation
are the main parameters in decreasing order of importance. Micallef [12, 13]
showed by stereo particle image velocimetry and 3D panel method simula-
tions that the last 5-10% blade depending on the tip bluntness is affected
by radial flow induced by the chordwise bound circulation and recommended
the inclusion of these effects in the Prandtl model. A characterization of
the near-wake and blade tip aerodynamic properties for varying TSR and
under non-uniform blade loading is necessary to evaluate the Prandtl model
limitations and its impact on the load distributions and power.

Regarding the inboard blade, the loading increase due to the rotating
blade - the so called Himmleskamp effect [14] - is modelled by Stall Delay
(SD) corrections. Most of them [15, 16, 17] modify the 2D airfoil polars ac-
cording to a correction function obtained from 3D boundary layer analysis.
Models differ in the specific definition of this function, but the correction
term depends in general on the local chord to radius ratio ¢/r and empir-
ically derived coefficients. The importance of the ¢/r ratio was found by
Snel [15] and is related to the radial flow acceleration. Some SD correc-
tions [15, 17] are applied only to the lift coefficient while others correct both
lift and drag coefficients [16, 18, 19]. Moreover, there is no unique approach
to correcting the drag coefficient, as in some models [19, 18] this quantity is
increased, while in [16] it is decreased compared to its 2D value. Therefore,
the drag coefficient correction under delay of stall still remains an unsolved
issue [20]. A review of SD corrections was performed by Breton [3] who re-
ported an overall overprediction of the experimental load distributions and
deviations between models for increasing inflow speed. These observations
were related to limitations of boundary layer theory on which SD corrections
are based, such as the lack of transition and its loss of accuracy under sepa-
ration, which may lead to an incorrect description of the flow [3]. Therefore,
CFD investigations were performed to understand the rotational augmenta-
tion effects responsible for the delay of stall [21, 22]. Guntur [21] performed
RANS simulations and found that the radial flow develops also outside the
separated region due to the action of the centrifugal force on slow moving
chordwise flow. The researcher also observed that pressure distributions in
the separated region have a constant non-zero gradient differently from the
non-rotating case due to radial pumping [21]. Bangga [22] showed that 3D
flow effects are responsible for the delay of stall and observed that this last

3
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occurs in the presence of separated radial flow only when ¢/r>0.1. Further-
more, the role of Coriolis and centrifugal forces was investigated by Detached
Eddy Simulations (DES), and it was observed that the first has its largest
value near the wall and at the beginning of the separation region where the
chordwise convective flow acceleration is also the largest, while the second
dominates the rest of the flow around the blade inboard profiles [22].

The goal of this study is to contribute to the explanation of the physical
mechanisms responsible for the reported Prandtl factor limitations under
high loading and expanding wake as well as the drag coefficient treatment
under rotational augmentation effects. Furthermore, based on the findings
of the study, a potential solution is proposed for the improvement of the
Prandtl TRL correction for high TSR. No study available investigated in
detail the physical limitations of the Prandtl model under this condition
and the solution proposed could help researchers in developing an improved
correction for tip-losses. The analysis is carried out by comparing one BEMT
code expanded by the Prandtl TRL model and the Eggers SD correction with
unsteady RANS CFD simulations. The contribution from the individual and
combined application of the SD and TRL corrections is considered, and CFD
simulations are employed to confirm previous findings concerning the physical
mechanisms of tip losses and rotational augmentation. In addition to a design
condition, a high TSR case is accounted for to address the Prandtl factor
inaccuracies, and a low TSR one is considered for the rotational augmentation
effect on drag. In all conditions simulated the inflow is assumed steady and
uniform. The NREL 5MW rotor [23] is the selected wind turbine and the
blades are considered rigid to focus on the rotor aerodynamics. Finally, only
one specific BEMT code is taken into account.

The paper follows with section 2, where the details of the applied method-
ology are provided in terms of: rotor specifics and simulation conditions,
modeling aspects and setups of the BEMT and CFD solvers, post-processing
techniques for the extraction of lifting-line variables from the CFD solution.
Section 3 reports the verification of the CFD solution. Next, a characteri-
zation of the rotor aerodynamics is done in section 4 by means of the CFD
results, and the comparison between BEMT and CFD predictions is treated
in section 5. Finally, the main findings are summarized and guidelines for
modeling improvement are given in the conclusions.
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1¢ 2. Methodology

s 2.1. Turbine and simulation condition

136 The NREL 5MW wind turbine [23] was chosen for this benchmark activ-

17 ity. The turbine was simulated as an isolated rotor with rigid blades and no

18 cone and tilt angles. The 3D blade geometry for the CFD simulations was

e generated by a python script [24] that translates a list of points describing the

uo  design provided in [23] from the Simcenter Samcef language [25] to the STL
mesh format. The resulting blade is shown in fig. 1, where it features a blunt

inboardblade | o
midboard blade
»20%R AEAR utboard blade
bt » 70%R
R=63m :

Figure 1: Planform view of the generated 3D blade and hub (with sizes) for the CFD
simulations. The inboard blade is defined as the blade portion from 20 to 40% of the rotor
radius and the outboard blade as the portion extending from 70% radius up to the tip.
For the sake of completeness, the midboard blade goes from 40 to 70% radius and the root
region extends from the blade root up to 20%, where the first aerodynamically relevant
DUA40 airfoil is located. Moreover, the blunt trailing edge for the NACAG64 profile towards
the tip is also shown.

141

12 trailing edge along its whole span, and the NACAG64 profiles in the outboard
13 blade were modified by introducing a trailing edge thickness of 0.3% chord
e to facilitate the generation of the CFD prism layer mesh. Furthermore, the
us  blade has a 0.8m tip chord and N =200 profiles were defined according to a
us hyperbolic tangent distribution:

(R-R) tanh (5 A) W
= "\ " tanh (A)

5
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to reconstruct the blade surface. Equation (1) defines the radial location s; of
a generic profile ¢ starting from the blade root located at the hub radius Ry, =
1.5m, and the value of the amplitude A was set to 1.5 to achieve a more refined
aerodynamic discretization towards the tip. The 200 profiles were obtained
by linear interpolation of the airfoil shapes in [23] including the profiles in
between the root cylinder and the DU40 airfoil at 20% radius to achieve a
representative geometry of wind turbine blades. Finally, a cylindrical shape
rounded on the upstream side was designed for the hub geometry (see fig. 1),
as no reference geometry could be found.

The NREL 5MW rotor was simulated under uniform steady inflow for
three values of the TSR A= (QR)/U: =7, A=4, and A =10. The only
parameter changing is the inflow speed U: U=11.4m/s, U=19.95m/s, and
U =7.98m/s, whereas the rotor speed €2, blade pitch angle, and radius are
set to 12.1rpm, 0°, and 63m. The first condition is the design TSR of the
turbine [23], while the second and third ones are not representative of steady-
state power production operations and are selected to show the limitations
of SD and TRL corrections respectively. Finally, the air properties are the
following: density p=1.225kg/m?, dynamic viscosity p=1.82-10"°Pa-s, and
pressure P=101325Pa.

2.2. BEMT model and setup

The employed BEMT solver is part of the Simcenter Samcef solver (ver-
sion 2022.2) [25] and is based on the classic Glauert-Prandtl theory [4]
equipped with the Burton version [26] of the Prandtl [9] TRL correction
and the the Buhl’s AeroDyn [27] Turbulent Wake State correction (TWS).

BEMT simulations were set-up in the engineering interface Samcef for
Wind Turbines (SWT) [28] by prescribing the blade design properties and
airfoil polars for the cylindrical and DU profiles from [23], but not for the
sections with the NACAG64 profile. As the latter was modified with a blunt
trailing edge, new polars were computed with the viscous Xfoil [29] solver
by using 300 panels, Reynolds number 6.6 million, 500 as maximum number
of iterations, Ng;+ =9, and transition location at 1% chord on both profile
sides. Two types of polars were considered for the DU profiles: those with the
SD correction of Du-Selig [16] extended by the Eggers’ drag treatment [19]
and those without. All polars employed in the BEMT solver are for a single
Reynolds number despite the range of TSR values simulated. SWT performs
a linear interpolation of the input polar data sets according to a prescribed
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relative thickness distribution, which was obtained from the 3D blade geom-
etry. Finally, the blade was discretized into 30 stations with non-uniform
radial spacing according to eq. (1) with N =30 and A=1.3.

The individual and combined effects of the SD and TRL corrections on
the BEMT solver predictions were considered by employing four BEMT ver-
sions: "BEMT”, "BEMT+TRL”, "BEMT+SD”, and "BEMT+SD+TRL”.
The "BEMT” version consisted of the classic BEMT model corrected only
for TWS (labeled "BEMT” for simplicity) and polars uncorrected for SD
were employed. The "BEMT+TRL” version added to the previous the TRL
correction by activating this option in the solver. The "BEMT+SD” ver-
sion was obtained by providing polars with the SD correction. Finally, the
"BEMT+SD+TRL” version contained all corrections.

2.8. CFD model and setup

The incompressible RANS equations were simulated by Simcenter STAR-
CCM+ (version 2021.2) [30] by both steady-state and unsteady approaches.
The k-w SST turbulence model [31] was employed, as in [32, 33, 34], to-
gether with the Reichhardt [35] hybrid velocity wall function. The blade
boundary layer was set to fully turbulent without transition modeling. The
segregated flow solver was selected, with a constant density gas model, and
second-order space and time discretizations. In the unsteady simulations,
a time step corresponding to a 4° rotation angle was used with 20 internal
iterations and 10, 12, and 15 revolutions were simulated for the A=4, 7, and
10 cases respectively. The rotor motion was modelled by the Multiple Refer-
ence Frame (MRF) approach in steady-state and rigid-body rotation under
unsteady conditions. The MRF approach was implemented by assigning the
rotor cylinder region in fig. 2a to a rotating frame and the remaining domain
to a stationary one with an ”in-plane” conformal interface in between the
two regions.

To set up the CFD simulations, a similar approach as Dose [32] was
followed. As shown in fig. 2b, the far-field boundaries were located at 10 and
20 (outlet) diameters from the rotor center with assigned velocity inlets and
pressure outlet boundary conditions. Moreover, a wake refinement region
up to 3 diameters downstream was defined. The generated volume mesh
was unstructured, as depicted in fig. 3, and consisted of polyhedral cells
and 8 prismatic layers for the blade boundary layer. The latter had a total
3.17-107*D thickness and a geometric growth ratio of 1.3. The y* values
achieved are in range 10-300 growing from the inboard to the outboard blade

7
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(a) Rotor cylinder (b) CFD domain

Figure 2: Regions, sizes, and boundary conditions of the CFD setup. D refers to the rotor
diameter D=126m and the reference system displayed is the inertial one.

20 and with a larger variation for the A=4 case, as shown in fig. 4. The cell size

21 was set to 0.008D inside the wake refinement region and at the interface for

22 the 7fine” mesh shown in fig. 3 and defined in section 3. Finally, the volume

23 growth rate of mesh cells was set to 1.05 and the cell size on the far-field
surface was set to D in the ”fine” mesh.

Figure 3: The "fine” CFD mesh (whose definition is in section 3) with views of the hub,
blade, rotor cylinder region, and wake refinement on the left and of the blade section at
63% radius on the right.

224
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Figure 4: Range of y™ values of the CFD simulations. The solid lines show the mean y™*
values over the profiles while the shed areas show the range in between the minimum and
maximum values. [color in print]

2.4. Post-processing of the CFD solution for the extraction of lifting line
variables

The extraction of the induction velocity components, angle of attack,
lift and drag coefficients from the CFD simulations was carried out by the
Azimuthal-Averaging Technique (AAT) and the inverse BEMT method [36,
33, 37, 38].

The AAT method computes the annular-averaged axial a and tangential
a’ induction velocity components by sampling the near-wake axial U, and
tangential U; flow velocity components. The method was implemented by
using 6 streamwise (three upstream and three downstream) arrays of probes
sampling the rotor flow each time step during the last revolution. Probes
in each array were located in 10 annuli at 20, 40, 60, 70, 80, 85, 90, 93, 96,
and 98% radius. In each annulus there were 90 probes according to [36] and
these were axially spaced from the rotor center by the local blade chord. The
sampled U, and U; were processed as shown in fig. 5: (1) annular-averaging,
(2) interpolation at the rotor plane by Lagrange polynomials as in [33], (3)
time-averaging at each radial location, and (4) conversion into induction
velocity components as:

A . T
U 2Qr (2)
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253

254

255

256

257

258

loop through
radial positions
loop through
time steps
loop through
streamwise positions

axial and tangential
velocities

annular averaging

polynomial interpolation
at the rotor plane

time averaging

axial and
tangential induction
velocity components

Figure 5: Flowchart showing the applied method to obtain the axial and tangential induc-
tion velocity components from the near-wake axial and tangential flow velocity components
according to the AAT method.

where U, and U, are the time-azimuth-averaged flow velocities interpolated
at the rotor plane.

The inverse BEMT method was implemented by following the conventions
and layout of the Simcenter Samcef BEMT code. The input are the blade out-
of-plane F4 and in-plane Frp forces per unit of spanwise length time-averaged
over the last revolution. The usage of the TRL correction allowed to compute
the local axial ap and tangential a’p induction velocity components, while
not using the TRL correction led to the annular-averaged induction velocity
components like in the AAT method. Finally, both inverse BEMT method
variations (with and without TRL) included the TWS Buhl’s correction [27].

With the annular-averaged @ a’ and local ap a’s induction velocity com-
ponents, the corresponding annular-averaged & and local ag angles of attack
were computed as:

LGB

Qr(l + cf’)

a = arctan ap = arctan

where 6 is the blade station twist angle.
The local angle of attack ap was employed to define the downwash angle
of attack in the outboard blade as a measure of the tip vortex induction.

10
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Following [38], the latter was defined as:
Qy =0 —ag (4)

with ag provided by the inverse BEMT method with TRL only.

By using the angle of attack, normal ¢, and tangential ¢; force coeffi-
cients (in the rotor plane reference system), the lift and drag coefficients
were extracted from the CFD solution:

€] = CqCOS ¢+ ¢;8in @ Cq = Cq SiN ¢ — ¢4 COS ¢ (5)

with ¢, = Fa/(qocC), ¢ = Fr/(qocc); Gioe = 0.5p(U*+ (Qr)?), and inflow
angle ¢ = a+6. The annular-averaged angle of attack considered is the one
provided by the AAT method only.

3. Verification of the CFD solution

The CFED solution was assessed by a mesh convergence analysis. Four
different grids were simulated by systematically varying a base size b for the
polyhedral cells in the wake refinement region and on the interface. The
four grids were defined as: ”coarse” (b/R=0.032), "medium” (b/R=0.024),
"fine”, (b/R = 0.016), and "very fine” (b/R = 0.008), with R = 63m. The
thickness and growth ratio of the prismatic layers were left unmodified to
achieve a constant boundary layer resolution, as recommended in [39]. Fol-
lowing [33, 32], only steady-state simulations were performed and only the
rotor thrust and power were considered to assess the mesh convergence.

Figure 6a shows the values of the rotor thrust and power coefficients given
by the four meshes plotted against the number of mesh cells. Convergence
towards a rotor power coefficient of 0.476 was achieved by the ”fine” mesh
represented by a star in fig. 6a. This resolution provides a value for the rotor
thrust coefficient of 0.756, which is less than 0.1% different from the ”very
fine” mesh value. Therefore, the "fine” resolution was deemed converged
also for thrust and selected for the subsequent unsteady simulations because
computationally cheaper than the ”very fine” mesh.

In fig. 6a, the rotor thrust and power coefficients computed by Dose [32]
are shown. The ”fine” mesh provides 2.1% thrust and 3.4% power underpre-
dictions with respect to these reference values. The radial distributions of
the annular thrust Cr and annular power Cp coefficients are shown in fig. 6b

11
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Figure 6: Results of the CFD mesh convergence study. [color in print]

for the selected "fine” resolution and the reference available in [32]. There
quantities are defined as:

3F 3FrQ
A C, = ST

Cr=—=— =—
4 wrpU? F wrpU3

(6)
and were obtained by using the Accumulated Force Table functionality in
STAR-CCM+ with 200 bins for an accurate integration and by applying a
third-order Butterworth filter with 0.1 cut-off frequency to get rid of the
nonphysical fluctuations provided by the tool. An overall good match is

shown with minor deviations in the inboard blade for C7 and in the mid-
inboard blade for Cp.

4. Characterization of the blade and rotor near-wake aerodynamics

The main features of the flow over the blades are displayed by the near-
wall velocity pathlines shown in fig. 7 on the blade suction surface and for the
three conditions studied. Furthermore, areas of flow separation are visualized
by a purple threshold of zero or negative chordwise skin friction coefficient
as in [21]. The flow in the blade inboard region and near the tip is char-
acterized by a 3D radial component in all the three cases and the extent of
such radial flow increases with reducing A. Near the tip beyond 90% blade,
the flow pathlines bend radially towards the inboard blade. Such a radial
flow is related to the presence of the tip vortices and is due to the radial
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corresponding value of the ¢/r parameter used in stall delay corrections. [color in print]

pressure gradient driving the pressure equalization between the two sides of
the blade surface [40, 41]. At X =4, the chordwise skin-friction threshold
reveals that the flow is separated close to the trailing edge of the outboard
blade profiles, but not in the two other cases. In the inboard blade at 28%
radius, the flow is massively separated with a dominant spanwise direction
at A=4. When the TSR increases, the flow is attached at this radial location
with separation confined to the trailing edge at A=7 and almost negligible at
A=10. Moreover, due to the steering action of the centrifugal force, the at-
tached flow at these two conditions increases its spanwise component before
separating, as described in [21]. Attached flow with a clear radial orienta-
tion is visible at A =10 beyond the separation line and towards the trailing
edge around /R =0.20 where profiles have the maximum chord. Previous
studies [21, 42, 3] related this phenomenon to the root vortex induction at
low inflow speed (here high \). Finally, for r/R>0.56, the flow is separated
only near the trailing edge for A =4 and with a limited radial component,
consistently with the alleviation of SD corrections for ¢/r <0.1 [22].

The profile distributions of the pressure coefficient ¢, and radial skin-
friction coefficient ¢y, are shown in fig. 8 at /R =0.28. In fig. 8-left, the
pressure distribution for A =4 differentiates from the other two in terms of
shape of the suction peak and the almost constant-slope from 20% chord up
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Figure 8: Pressure cp, and radial cy, skin friction coefficient components on the inboard
blade profiles. The velocity used in the normalization dynamic pressure includes both the
blade peripheral velocity Qr and inflow velocity U. [color in print]

to the trailing edge where the flow is largely separated (see fig. 7). Small
variations in ¢, are visible at z/c¢=0.25 for A=4 and z/c=0.8 for A\=7
corresponding to separation. Next, the radial ¢; plots show that there is
a substantial radial outboard flow (positive ¢y, ) at A =4 and a limited or
negligible one at A="7 and 10. Furthermore, at A=4 the portion of the profile
over which the radial flow is present coincides with the constant pressure
gradient under flow separation in fig. 8-left. Such a relation between constant
pressure gradient, separation, and radial flow characterizes the rotational
augmentation phenomenon [21, 22]. Therefore, it could be argued that at
28% blade the delay of stall happens more likely at A=4 compared to A=7
and 10.

The curved surface pathlines on the outboard blade in fig. 7 are the
footprint of the tip vortices. These and the root vortices are visualized in fig. 9
for the rotor near-wake up to one diameter downstream. The figure shows
also areas of localized Q-criterion due to the mesh refinement at the interface.
The axial spacing along the X direction between the tip vortices increases for
reducing A due to the faster downstream convection of the vortices, which is
proportional to the inflow speed (A~ 1/U). Next, the expansion of the tip
vortices along the radial direction (Y- or Z-axis) increases for increasing A.
The wake expansion is related to the rotor thrust coefficient increase with A
for zero blade pitch, which correlates with an increase in wake expansion [43].
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At A=10, the mutual induction of the tip vortices is most likely to be not
negligible anymore. Finally, the root vortex is the largest at A=4 due to the
extensive blade flow separation (fig. 7).

Both axial and tangential tip vortex motions are measured in fig. 10-left
by tracking the paths of the vortex centers on the X-Z plane with respect
to the tip location. The axial movement can be quantified by the pitch of
the tip vortex helix along the X-axis, and it increases by almost three times
when A reduces from 10 (X ~0.5) to 4 (X ~1.4), similarly as in [43]. The
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Figure 10: Centers’ trajectories and normalized circulation of the tip vortices for the three
CFD simulation cases. [color in print]

wake expansion is instead correlated with the TSR and the Z-wise radial
component, of the third vortex age 37 is around three times larger at A=10
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(Z =~ 0.12) than at at A =4 (Z = 0.04). This means that, as the TSR
decreases, the axial component gets much larger (factor 35) than the radial
one, while there is a smaller (factor 4) difference at high TSR. Since the
very first vortex ages X/R <2 are those that dominate the reduction of the
outboard blade loading (tip loss), these results confirm that the cylindrical
wake assumption of the Prandtl model loses its reference with the expanding
wake of the CFD unsteady RANS solution for increasing TSR.

As the strength of the tip vortices was reported to be an important as-
pect in the modeling of tip losses [11], this is measured by computing the
circulation of the first vortex ages. The circulation was calculated by sur-
face integration of the vorticity component w; sampled on rectangular areas
around the tip vortex centers on the X-Z plane shown in fig. 9. A threshold
of w; < 0.8Hz was considered to eliminate unwanted contributions and cap-
ture only the vortex cores. The normalized circulation is shown on the right
plot of fig. 10. It is observed that the lower A the larger the circulation of
the first tip vortex, as reported in [44], with an increase around 40% from
TSR 4 to 10. This can be explained by the larger extent of the spanwise
flow on the blade tip near-wall pathlines in fig. 7 at A =4, as it determines
increased trailing vorticity release and so circulation in the tip vortex [41, 8].
Figure 10-right shows an up to 40% circulation decrease for increasing vortex
age, which is not expected for the coherent tip vortices before their break-
down. As reported in [8], this can be associated to the numerical diffusion of
second-order discretization scheme in the unsteady RANS simulations and
the possibly too large (0.016R) cell size in the wake refinement region of the
”fine” mesh, despite the convergence of the rotor loads for this resolution.

5. Comparison and discussion of BEMT and CFD predictions

Figure 11 shows the error percentage difference of the rotor thrust and
power coefficients between the four BEMT versions introduced in section 2
and the unsteady RANS CFD solution for the three conditions. At A=4, all
BEMT versions significantly underpredict the CFD thrust coefficient up to
25% and power coefficient by 30%. A better match is found at the rated A=7
case with an error difference below 5%, and at A = 10 the error difference
is below 10%. Including the SD correction at A = 4 improves the thrust
coefficient prediction by 10% and the power coefficient one by 5%. The TRL
contribution is around 5% at A =10 where it leads to better predictions of
both quantities, while at A = 7 it leads to slightly worse results by 2-3%.
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Furthermore, the fully-corrected version ”BEMT+TRL+SD” is not the one
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Figure 11: Error percentages between BEMT versions and the CFD of the rotor thrust
and power coefficients. The CFD values are obtained by applying their definition to the
spanwise integrated thrust F4 and tangential Fr blade force densities averaged over the
last revolution period simulated. [color in print]

providing the lowest error at all conditions. The best performing version is
the ”"BEMT+SD” one at A=4 and 7, whereas the "BEMT+TRL” version
has the most favorable match with CFD at A =10. However, the latter is
also the worst, performing at low TSR. Overall, BEMT predictions are below
5% only at the design TSR, while at off-design conditions they are not as
satisfactory. Especially at low A, the error difference in rotor power and
thrust gets up to 30% when root effects are dominant over a large part of
the blade span, and this result is in line with those in [2, 8].

To elaborate on the effect of the individual TRL and SD corrections with
respect to the reference CFD solution, the rotor regions where the aerody-
namic models diverge are considered. This is done by plotting in fig. 12 the ra-
dial distributions of the annular thrust C'r and power Cp coefficients defined
in eq. (6) for the overall best "BEMT+SD” and overall worst ”BEMT+TRL”
versions based on fig. 11. Substantial differences can be noticed over the
whole span depending on the operational condition and these are analyzed
in the remainder of this section.

From 20% to 40% of the radius, the effect of the SD correction is dominant
at A=4. This is consistent with the strong spanwise separated flow in fig. 7
and the different ¢, distribution compared to the other conditions at r/R=
0.28 in fig. 8. Figure 12 reveals a good match with the CFD Cr distribution
at A=4 for the "BEMT+SD” version, but not an equally satisfactory one for
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Figure 12: Annular thrust Cp and power Cp coefficient distributions for the CFD solution,
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the Cp by both BEMT versions. Such a Cp underprediction can be explained
by an overestimation up to a factor of 2 of the drag coefficient ¢4 provided
by the Eggers [19] SD correction compared to the CFD simulation and the
uncorrected ”BEMT”, as shown in fig. 13a. The drag overstimation is related
to the assumptions of the Eggers model [19], where only the first-order effect
due to the Coriolis force under deep stalled flow is considered. Therefore,
the larger drag leads to a reduction of the tangential force per unit span Fr
on the profile the due to the minus sign preceding c4:

1
Fr = 5,0Ufelc(cl sin p—cg4 cos @) (7)

with U, the relative profile inflow speed. The lower Fr leads finally to an
annular power coefficient C'p underestimation, despite the large inflow angle
¢ in the inboard blade at high inflow speeds. As already discussed, the ¢y
treatment, is an unsolved problem in SD modeling. Moreover, this was shown
to be blade dependent: the NREL Phase VI turbine showed an increase in 3D
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cq [3], Bangga [22] predicted a decrease in the inboard blade for the AVATAR
turbine by DES simulations, and Boorsma computed a slight decrease in ¢y
for the Mexico rotor [8]. The CFD solution in this study provides lower ¢4
compared to the corrected and uncorrected BEMT versions for SD in fig. 13a.
However, as shown in fig. 13b, the CFD predicts a larger lift coefficient at 20%
blade and A=4, and the corrected lift polar provides a better match in this
case compared to the corrected drag polar. Therefore, a more accurate Cp
prediction could be obtained from a lift coefficient corrected for SD and an
uncorrected drag coefficient. This confirms the modeling approach in [16, 15],
at least at r/R=0.2, and shows that the drag coefficient increase in [19] seems
to be unjustified for the NREL 5MW turbine.

Coming back to the Cr and Cp distributions in fig. 12, at A=7 and 10 and
in the inboard blade both the "BEMT+SD” and "BEMT+TRL” versions
overpredict the reference CFD distributions by 20%. At the rated TSR the
role of the SD correction can be seen up to 30% of the radius, while at the
A=10 condition it has a negligible contribution. It was observed in section 4
that the blade aerodynamics at A =10 is characterized by negligible separated
spanwise flow and delay of stall. Furthermore, most of the radial flow is
attached around 20% blade due to the root vortex induction. The root
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(a) Distributions of the drag coefficient at A=4. (b) Lift coefficient polars at 20% radius.

Figure 13: Drag and lift coefficients for the BEMT versions corrected and uncorrected for
SD and for the CFD solution obtained as described in section 2. The polars used in the
BEMT simulations are for a single Reynolds number value of 7-10° [23]. [color in print]
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vortex leads to the downwash effect visible in fig. 13b as a smaller CFD ¢
for A = 10 compared with the BEMT polars, which are unaffected by SD
due to the low angle of attack. Such an effect was observed in previous CFD
simulations and wind tunnel experiments [21, 42, 3] and an important finding
of this study is that it is responsible for a 20% load reduction not adequately
captured by the "BEMT” and "BEMT+TRL” versions. Figure 13b shows
that at the root, there is a tiny C7 reduction due to the Prandtl root-loss
correction, but this is insufficient because the hub radius (R, =1.5m) is used
- as common practice - to define the blade root radial distance. Therefore,
the radial location of maximum chord could be used in the model to enforce
the downwash where the CFD results indicate it occurs. This solution was
already tested by Schepers [45] obtaining a favorable match with the root-
losses predicted by free vortex wake simulations, but without comparing load
distributions.

The C7 and Cp distributions in fig. 12 show that for r/R>0.7 the effect
of the TRL correction is dominant, in particular for the Cp distribution.
Moreover, the Prandtl factor positively affects the accuracy of the BEMT
load distributions at A=4 and 7 for both quantities. However, at high A, the
TRL correction overestimates the Cr and Cp over the last 10% blade by 5 to
15%. The degradation of the Prandtl factor at high TSR can be explained
by considering the tip vortex properties of the CFD solution in fig. 10 and
the downwash angle of attack c,. The latter is defined in eq. (4) and shown
in fig. 14 for the BEMT model and CFD solution by means of the inverse
BEMT (”invBEMT”) approach. Concerning the tip vortex, the CFD solu-
tion predicts at A=4 an almost cylindrical helix with the largest pitch and
circulation, while at A=10 the tip vortex expands the most with the smallest
circulation. This means that at a TSR of 4 the strongest tip vortex produces
a downwash covering 40% of the outboard blade and reaching a,, ~2.5° at
the tip. Moreover, the almost cylindrical tip vortex helix predicted by CFD
and assumed by the Prandtl TRL correction leads to the smallest deviation
in downwash angle of attack between the two models. Different is what hap-
pens at A =10 where the expanding tip vortex induction is concentrated on
the last 10% blade and its weakest circulation leads to a,, ~1.5° at the tip.
Furthermore, the deviation between BEMT and CFD «,, distributions at
this condition is the largest, with the latter providing a 0.5° higher down-
wash and so lower ap. Given the attached flow regime, this translates into
a 5-10% difference in ¢; and so the 5-15% "BEMT+TRL” loading overpre-
dictions. Therefore, another important result of this study is to relate the
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Figure 14: Downwash angle of attack in the outboard blade according to the BEMT and
CFD by the inverse BEMT method. In both approaches, the local angles of attack are
obtained by including the TRL correction, while the annular-averaged ones do not. [color
in print]

overprediction of annular power and thrust coefficient in the outboard blade
by BEMT to the insufficient downwash provided by the Prandtl TRL model
compared to unsteady RANS at TSR 10.

Based on the conclusion drawn in the previous paragraph, an improve-
ment of the Prandtl correction for A values around 10 and blunt blade tips
(as the one simulated) necessitates the modeling of the tip-vortex downwash
effect on the 2D lift coefficient under attached flow conditions in order to
achieve more accurate predictions of aerodynamic forces in the outboard
blade. To capture such an effect, alternative tip-loss models are required,
such as the one recently developed by Zhong [46], where this effect is explic-
itly modeled. The Zhong tip-loss correction models the tip-vortex contribu-
tion in two parts: one part describes the effect of the 3D tip-vortex trailed
by the non-rotating blade (same as for a fixed-wing aircraft) on the blade
profiles polars by means of the lifting-line theory, and the other part accounts
for the near-wake tip-vortex rotation (modeled similarly as Prandtl [9]). The
first part introduces an induced angle of attack which is used to reduce the
lift coefficient and increase the drag coefficient in the outboard blade cross-
sections due to the tip-vortex downwash. Such an aspect is not accounted
for by the Prandtl model and the researchers showed that the Zhong model
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can predict closer normal and tangential force distributions to CFD in the
outboard blade than the Prandtl one for an almost TSR 10 condition and
the NREL 5 MW rotor [23]. Therefore, we claim that the Zhong correction
could be a replacement for the Prandtl one, especially at high TSR and with
blunt tip designs.

The differences between BEMT and CFD predictions under uniform aligned
inflow are not only related to the modeling of SD and TRL. As shown
in fig. 11, the best performing "BEMT+SD” version provided around 15%
and 20% error differences with the CFD rotor thrust and power coefficients
at A=4. Furthermore, it is shown in fig. 12 that such deviations are concen-
trated below 15% radius and around 60% in the midboard blade according
to the annular C7 and Cp distributions. In the root region, BEMT under-
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Figure 15: Profiles in the root region and the corresponding linearly interpolated lift and
drag coefficient polars used by BEMT. [color in print]

estimates by a factor of 2-3 the C'r and C'p distributions at all TSR, not just
at A=4. This is due to the polars depicted in fig. 15, which were obtained
by linear interpolation between the constant ¢, polar of the cylindrical pro-
file and those of the DU40 airfoil. Despite this approach being consistent
with the CFD blade geometry generation described in section 2.1, such po-
lars do not represent the 3D, largely separated, and rotationally-augmented
flow (¢/r>0.1) over these profiles discussed in section 4. In the midboard
blade, there is a clear mismatch between aerodynamic models only at A=4.
The underlying reasons are the different CFD-extracted and BEMT polars
of the DU21 airfoil under separation, as shown in fig. 16. The former predict
limited separation with the lift coefficient still rising, while the latter are ex-
perimentally derived and predict a post-stall condition. Similar observations
were reported in [47] by 2D RANS, which are comparable to 3D RANS due
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Figure 16: DU21 lift and drag coeflicient polars from the NREL report with and without
SD corrections (used by BEMT) and extracted from the CFD solutions as explained
in section 2. [color in print]

to the negligible SD effects at 60% blade and A = 4. Furthermore, it was
observed in [47] that transition is an important aspect to improve the match
with the experimental polars for profiles with 20% chord thickness and with
sharp suction peak and low pressure gradient, as the DU21. Therefore, both
airfoil polars and engineering corrections are critical aspects for the accuracy
of load predictions at low TSR, and it is pointless to study the accuracy
of SD corrections if poor polar data are available. The availability of reli-
able polar data for profiles with thickness greater than 40% chord could be
helpful to achieve an improvement over the simplistic linearly interpolated
polars between the cylindrical and DU40 polars before the application of SD
corrections.

6. Conclusions

In this study, the aerodynamic mechanisms responsible for the Prandtl
tip-loss factor inaccuracies at high TSR and the modeling of the drag coeffi-
cient by the Eggers SD correction were investigated. This was carried out by
comparing a BEMT-based solver and URANS simulations for NREL 5MW
rotor.

The tracking of the CFD tip-vortex trajectories confirmed that the cylin-
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drical wake assumption of the Prandtl model is challenged at TSR 10 due to
the mutual induction of the tip-vortices. As a consequence, BEMT load dis-
tributions in the last 10% blade are 5-15% larger. A relevant finding is that
BEMT provides insufficient (0.5°) downwash angle of attack compared with
CFD at TSR 10. This result was related to the Prandtl factor which does
not model the lift coefficient reduction (5-10%) provided by the tip-vortex
downwash effect. Therefore, we recommend the tip-loss model of Zhong for
TSR conditions of 10 and blunt blade tips as the one simulated, as it accounts
for the previous effect and it was shown by its developers to provide more
accurate force predictions compared to the Prandtl model. However, even
if the Zhong model better captures the underlying physics of the tip-losses,
it may require further parameter adjustment or tuning. It is likely that the
rotating part of the model might deviate from CFD predictions under ex-
panding wake conditions (high TSR). This deficiency could be mitigated by
calibrating this part of the model with the annular-averaged and local axial
induction factors extracted from CFD simulations over a wide set of TSR
conditions and blade-tip designs.

Concerning the delay of stall, its presence at a TSR of 4 was shown by
the relation between flow separation, radial flow, and pressure distributions
at 20% radius in the CFD simulations. The only modeling of the first-order
Coriolis force effect under deep stall was identified as the reason behind the
incorrect prediction of the drag coefficient by the Eggers model compared
with CFD. This resulted in wrong power coefficient distributions at TSR 4.
At the same time, the Du-Selig SD correction for the lift coefficient provided
a better match with the CFD resulting in consistent thrust coefficient distri-
butions. It was concluded that a lift coefficient polar corrected for SD and
an uncorrected 2D drag coefficient polar are an appropriate choice for the
NREL 5MW rotor.

In the inboard blade and at TSR 10, the effect of the root vortex down-
wash was observed on the CFD near-wall pathlines by the radial attached
flow near the trailing edge of the radial location of maximum chord, sim-
ilarly as previous studies. Another relevant result was to relate the root
vortex downwash to the overestimation (20%) of the blade loading due to
the use of the hub radius in the Prandtl root-loss model instead of the radial
location where the phenomenon is observed.
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